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Abstract

Bearingless motors are an emerging class of electric machines that com-
bines the functionality of an active magnetic bearing (AMB) and an electric
motor into the same stator structure. This integration benefits from the
advantages of AMBs while addressing their shortcomings, resulting in more
compact magnetically levitated systems with reduced system complexity and
cost. However, despite these advantages, the relatively low power density of
bearingless motors has primarily limited their use to research settings and
niche applications with low power demands.

The operation of a bearingless motor necessitates the generation of two dis-
tinct field components in the airgap for torque and radial force generation.
Traditionally, this was achieved using separate suspension and torque wind-
ings. However, this results in an inefficient winding volume utilization and
reduced power density. Consequently, a shift has emerged towards combined
windings, utilizing the same windings for both suspension and rotation. This
is achievable through the use of multiphase windings, offering additional de-
grees of freedom to simultaneously generate torque and suspension forces.

To support research on multiphase bearingless motors and exploit the advan-
tages of combined windings, we develop a custom multiphase motor control
platform that integrates the controller, sensor interface, and power electron-
ics into a reconfigurable system. The design consists of a two-level twelve-leg
inverter with isolated inline shunt-based phase current sensing and isolated
DC bus voltage sensing. A 12-phase inverter is realized using GaNFET-
based half-bridge power stages. The DC bus voltage and the phase currents
are measured using isolated delta-sigma modulators. An FPGA is used to
implement a sophisticated motor control algorithm with high temporal de-
terminism.

The performance of the motor drive is evaluated with a homopolar bearing-
less motor prototype. Development of the drive enables the use of custom
control strategies, such as sensorless control, which allows the prototype mo-
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Abstract

tor to operate up to its rated speed (36000 r/min) as limited by the avail-
able DC link voltage (30 V). This represents an almost fourfold increase in
the maximum no-load speed of 9500 r/min reached when using off-the-shelf
power electronics and a DC link voltage of 48 V.
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Lay Summary

Bearingless motors incorporate the functionality of magnetic bearings into
an electric motor in a compact form factor. This versatile technology finds
applications across a wide speed range owing to its contact-free operation,
and high levels of reliability. Examples of mature applications for bearingless
motors include the development of ultra-pure fluid handling pumps and
artificial hearts.

The objective of this research project is to develop a custom prototyping
platform for bearingless motor research. This platform serves as a founda-
tion for exploring and implementing novel control strategies to maximize
the power density of bearingless motors. Power density, a key performance
metric, refers to the amount of power that can be delivered by a motor
relative to its size and weight. Enhancing the power density of bearingless
motors results in more compact and efficient designs, enabling their use in
a wider range of applications.
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Chapter 1

Introduction

1.1 Background

Mechanical contact-type bearings are typically responsible for the major-
ity of maintenance issues in motor drive systems. These bearings require
regular lubrication, are susceptible to wear and failure, and necessitate pe-
riodic replacement, leading to increased maintenance costs and downtime.
These limitations become more pronounced at high rotational speeds where
exposure to significant mechanical stresses greatly limits the operational
lifetimes of a machine. Additionally, the use of bearing lubricants poses
certain limitations on the applications of mechanical bearings. In many in-
dustries, especially those requiring high purity or exposure to corrosive and
toxic chemicals, the presence of lubricants is deemed unacceptable due to
the risks of contamination. These shortcomings highlight the need for al-
ternative solutions that offer improved reliability and reduced maintenance
requirements.

To address these limitations, alternative bearing technologies such as ac-
tive magnetic bearings (AMBs) have emerged. An AMB works by actively
generating electromagnetic forces to suspend and control the rotor in a
closed-loop feedback scheme. By eliminating mechanical contact and the
associated lubrication requirements, these systems offer advantages in terms
of maintenance, cleanliness, and high-speed capabilities making them suit-
able for applications where mechanical bearings face inherent limitations.
AMBs have been successfully deployed in various applications across a wide
range of speed and power requirements. Some examples include use cases
in gas turbine engines, high-speed machine tools, flywheel energy storage,
and compressors for natural gas transportation, wastewater aeration, and
HVAC systems [15, 18, 29].

However, AMBs do have certain drawbacks, such as their size, cost, com-
plexity, and low radial force density compared to traditional mechanical
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1.1. Background

bearings [9]. A typical arrangement of a magnetically levitated rotating
shaft is depicted in Figure 1.1a. Two radial AMBs and an axial AMB are
used for supporting shaft loads and a separate electric motor is used for
torque generation. Each AMB requires dedicated custom power electronics
and occupies a significant portion of the shaft length to produce sufficient
radial forces. This limits their practicality in certain applications.

To address these challenges, bearingless motors have emerged as a promis-
ing solution. Bearingless motors are an emerging class of electric machines
that combines the functionality of an active magnetic bearing (AMB) and
an electric motor into the same stator structure. The integration of the two
technologies offers the advantages of AMBs such as contact-free operation
and the ability to monitor and actively alter rotor dynamics while addressing
its shortcomings. By leveraging the motor’s preexisting magnetic field for
generating suspension forces, bearingless motors can replace the function of
one or more AMBs. Figure 1.1b illustrates a magnetically levitated system
where the function of the radial AMBs and conventional motor is fulfilled by
bearingless motors resulting in a more compact design with reduced system
complexity and cost. Moreover, bearingless motors can be powered using
readily available motor drives and benefit from well-established control tech-
niques, facilitating their widespread adoption in various applications.

Bearingless motors are a versatile technology that finds applications across
a wide speed range due to their contact-free operation. At low speeds, bear-
ingless motors have found uses in blood pumps [24], artificial hearts [1], and
mixers/stirrers in the chemical and pharmaceutical industries [81]. These
applications make use of the bearingless motor’s inherent ability to create
hermetically sealed systems without the need for seals or lubricants. This
is particularly useful in applications requiring high levels of purity or where
exposure to corrosive and toxic chemicals is a concern as it eliminates the
risk of contamination from lubricants or the potential failure of mechanical
seals.

At high speeds, the elimination of mechanical contact and its associated
drawbacks such as friction, wear, frequent maintenance, and reliability con-
cerns opens up opportunities for the increased adoption of magnetically lev-
itated systems in various applications. Bearingless motors with rotor speeds
exceeding 100 kRPM have been reported in [44, 62] with a maximum re-
ported speed of 500 kRPM in [4]. Target applications for the developed
motors include centrifuges, high-speed spindle tools, and optical scanning
systems. However, despite these breakthroughs in speed, bearingless mo-
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1.1. Background

(a)

(b)

Figure 1.1: Comparison of a magnetically levitated shaft supported by (a)
AMBs and (b) bearingless motors in conjunction with axial AMB [61].
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1.1. Background

tors have been primarily limited to research settings and niche applications
with low power demands.

While a few experimental studies have demonstrated high-power bearingless
motors exceeding 10 kW [36, 48], the current state of the art does not
yet meet the power requirements and efficiencies necessary for widespread
industrial adoption. In reference [11], the authors investigate the potential of
bearingless motors to complement or even replace AMBs in transportation
and industrial applications and highlight some of the challenges associated
with developing bearingless motors for high-power applications and recent
advancements made toward addressing these challenges.

Nonetheless, ongoing research and technological advancements are continu-
ously pushing the boundaries of bearingless motor technology. As the field
evolves, it holds the potential to revolutionize various industries by enabling
the development of more efficient, reliable, and high-performance machines.

The remainder of this section serves to provide a review of some of the
relevant literature and recent trends and developments in technologies ap-
plicable to this research project and highlight research gaps that remain
unexplored.

1.1.1 Multiphase Machines

The past few years have seen an increase in the adoption of multiphase
machines in a variety of applications. Compared to their three-phase coun-
terparts multiphase machines offer a number of added benefits such as a re-
duction in the amplitude of torque pulsations and the distribution of power
across more phases resulting in an improved power density [59] and reduced
power switch ratings. Moreover, the added number of phases not only pro-
vides some redundancy enabling fault-tolerant operation for safety-critical
applications but also offers additional electrical degrees of freedom. These
extra degrees of freedom have been harnessed for various secondary pur-
poses, such as torque enhancement through the injection of higher-order
stator current harmonics for machines with concentrated windings [60], the
control of multiple machines using a single multiphase inverter [33], and for
controlling bearingless motors [51].

All these distinct advantages have attracted significant interest and research
into the area of multiphase machines where several survey papers [3, 17, 33]
have been published on the topic, covering topics like modeling, control, and
the applications of multiphase drives.
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1.1. Background

Figure 1.2: Summary of relevant material properties for wide bandgap tech-
nologies compared to silicon [43].

1.1.2 Wide Bandgap Devices

As silicon-based power devices reach a point of technological maturity char-
acterized by marginal advancements and incremental improvements over
time, there is an increasing demand for new and improved technologies
to meet the high power and efficiency requirements of modern systems.
Wide bandgap semiconductors such as gallium nitride (GaN) and silicon
carbide (SiC) have emerged as promising alternatives capable of outper-
forming silicon-based devices owing to their superior material properties.

As the name suggests, wide bandgap semiconductors are characterized by a
large bandgap and high electron mobility compared to conventional silicon
semiconductors. These characteristics directly translate to higher voltage-
blocking capabilities, higher operating temperatures, faster switching speeds,
and reduced losses. These advantages allow power switches to be more com-
pact and run cooler and faster, resulting in cost savings and improved power
densities. A summary of relevant material properties for wide bandgap tech-
nologies compared to silicon is compared in Figure 1.2.

Wide bandgap technologies, although still in their early stages of develop-
ment, hold immense potential for further advancements. Harnessing the
capabilities of these semiconductors can result in significant energy savings
in industrial processing and consumer appliances, promote the widespread
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1.1. Background

adoption of electric vehicles [47], and facilitate the integration of renewable
energy sources into the electric grid [22].

Moreover, in the context of bearingless motors, the introduction of commer-
cial wide-bandgap semiconductor switching devices enables motor drives to
efficiently operate at higher fundamental frequencies. This capability al-
lows motor designs to feature a higher number of poles, facilitating higher
rotational speeds and power densities.

1.1.3 Bearingless Motors

The concept of a bearingless motor was first proposed in the late 1980s.
Since then, fueled by developments in vector control theory, digital signal
processing, and power electronics, bearingless motor technology has under-
gone significant advancements and has attracted attention from researchers
and industry professionals, leading to further innovations and improvements
in the field. The key theoretical concepts and principles of bearingless mo-
tors are summarized in two textbooks [14, 40].

Bearingless motors have been realized using various motor architectures, in-
cluding hysteresis [54], switched reluctance [74], synchronous including both
synchronous reluctance [69], and permanent magnet [37, 52, 73] types, and
induction motors [82]. Among these, the permanent magnet bearingless
machine has received the most research attention owing to its high efficien-
cies, power densities, and simplified control. In this thesis, we restrict our
discussion to bearingless synchronous machines. Next, we discuss different
categories of bearingless motors to provide the necessary background for the
remainder of the thesis.

Combined and Separated Windings

The operation of a bearingless motor requires the creation of two different
field components in the airgap, a p-pole pair field and a ps-pole pair field.
The p-pole pair field corresponds to the number of rotor poles and is used for
generating torque, and a ps-pole pair field is used for generating the radial
suspension force. These two distinct fields can be generated using different
winding schemes which can be broadly divided into two major categories:
separated windings and combined windings.

Traditionally, bearingless motors have employed two separate sets of three-
phase windings dedicated exclusively to generating torque or suspension
forces. Despite being easier to control, as it physically decouples the torque
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1.1. Background

and suspension force regulation, multiple publications have pointed out that
such a separated winding scheme leads to an inefficient winding volume
utilization and a subsequent reduction in power density [16, 63]. Typically
machines with separated windings reserve 25-40% of the available stator
slot space for suspension windings despite using less than 5% during normal
operation [48, 68]. This design approach incorporates a safety margin to
account for worst-case conditions occurring during initial rotor takeoff which
require large suspension currents.

Due to these shortcomings, there is a growing trend towards a combined
winding scheme that uses the same set of winding for both suspension and
rotation. Such a winding configuration leads to simpler manufacturing, re-
duced copper losses, and improved power densities by enabling the full uti-
lization of the available stator winding slot space during operation. By using
a combined winding, we are able to eliminate the slot space design tradeoff
by dynamically allocating slot space to levitation or torque during runtime,
leading to improved performance and more compact motor designs. How-
ever, to the best of our knowledge, such an allocation procedure has not been
explored in the literature. In this research, we aim to propose an allocation
procedure that prioritizes the safety-critical suspension performance of the
machine.

Combined windings are broadly categorized into multiphase combined wind-
ings and dual purpose no voltage (DPNV) windings. Multiphase combined
windings, also referred to as “split windings” [14], utilize the additional de-
grees of freedom offered by multiphase machines to simultaneously generate
both torque and suspension field components.

However, an inherent limitation of the multiphase combined winding scheme
is that the rotation-induced back emf lowers the available differential voltage
margin for regulating suspension currents at high speeds. This may compro-
mise the stability of the rotor suspension potentially leading to touchdowns
during operation. To overcome this problem [67] proposes a “Dual Purpose
No Voltage” winding scheme which aims at canceling out the effects of the
rotation-induced back emf seen by the suspension terminals, allowing for
the reduction of the DC bus voltage requirement. Two main variations of
this winding scheme exist in the literature: bridge winding configuration [31]
and parallel winding configuration [56]. Despite its advantages, this winding
scheme increases the hardware complexity and requires a modified control
strategy [66]. The scope of this thesis will be limited to the multiphase com-
bined winding architecture. Schematics of the different winding schemes are
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1.1. Background

Figure 1.3: Schematics of different winding schemes. Figure adapted from
[56] and [67].

presented in Figure 1.3.

Homopolar and Heteropolar Rotor

In bearingless motors, suspension forces are generated by deliberately per-
turbing a symmetric air gap flux distribution established by a bias field.
These motors can be generally classified into two main categories based on
the nature of the bias flux field: homopolar and heteropolar motors.

Homopolar motors are characterized by a static unidirectional bias field as
seen from the rotor/stator. This bias field is established using permanent
magnets or field windings normally placed at the stator. Suspension forces
are generated by superimposing a 2-pole suspension flux onto the bias flux
field. The resulting imbalance of the airgap flux imparts a radial force on the
rotor. By controlling the magnitude and direction of the 2-pole suspension
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1.1. Background

Figure 1.4: Suspension force generation in homopolar (left) and heteropolar
bearingless Motors. net force generated in the positive x direction in both
instances. Figure adapted from [14].

flux in a negative feedback loop we are able to actively stabilize and regulate
the position of the rotor.

In contrast, heteropolar motors leverage the pre-existing p-pole pair magne-
tizing field of the motor as the bias field. Suspension forces are generated by
superimposing a p± 1 pole pair suspension flux field onto the rotating bias
flux field. An important distinction between the two motor types is that in
heteropolar motors the bias field is synchronously rotating with the rotor
and therefore accurate real-time knowledge of the rotor’s angular position
is required to correctly align the superimposed suspension flux and achieve
successful levitation. Errors or delays in the rotor angle measurement mani-
fest as a radial disturbance force that cross-couples the x and y-axis motions
[28]. This has a destabilizing effect on the suspension control and is more
pronounced at high speeds. This is contrary to homopolar motors where
suspension operation is decoupled from the rotor angle, allowing for a sim-
ple and robust control strategy. The force generation mechanism for both
motor types is illustrated in Figure 1.4.

Slice Motors

Conventionally, achieving magnetic levitation or suspension of a motor shaft
necessitates active control over all six degrees of freedom (DOFs). This is
typically accomplished by utilizing a pair of two-degree-of-freedom (2DOF)
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1.1. Background

Figure 1.5: Passive stability of bearingless slice motor [21].

bearingless motors to control the radial and tilting motions, along with an
axial active magnetic bearing (AMB) to regulate the axial motion.

Slice motors are characterized by a small rotor axial length-to-diameter ra-
tio. This rotor geometry was first proposed in [65] and is capable of pas-
sively stabilizing the axial and tilting motions through reluctance forces.
This leaves only the inherently unstable radial DOFs and the rotor angle
in need of active control. Such a motor topology reduces the overall foot-
print, control complexity, and instrumentation requirements by eliminating
the need for auxiliary radial and thrust bearings to control all 6 DOFs. The
passive stabilization mechanism is visually depicted in Figure 1.5. Bearing-
less slice motors have been developed for low power ratings across a broad
speed range and have been successfully commercialized by companies like
Levitronix for their ultrapure fluid handling pumps [35] and BiVACOR [5]
for their artificial hearts.

1.1.4 Sensorless Control

The control of an AC motor’s instantaneous torque is the primary objective
of motor drive systems. One widely adopted control technique to achieve
that is field-oriented control (FOC) also commonly referred to as vector con-
trol. The idea behind FOC is to conceptually decompose the multiphase cur-
rents into torque and flux-producing components that can be independently
regulated. This is accomplished by using mathematical transformations,
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1.1. Background

such as Park’s and Clarke’s transformation, to represent the multiphase
motor currents in a rotating reference frame. However, performing these
transformations requires knowledge of the rotor angle, and as such motor
drives are normally equipped with angular position sensors such as encoders,
resolvers, or Hall effect sensors. In addition to the angular position sensors
bearingless motors also employ displacement sensors for sensing the radial
position of the rotor. Some common types of displacement sensors include
eddy current sensors, optical sensors, and capacitive sensors.

The inclusion of such sensors brings many problems such as an increase in
cost and complexity, susceptibility to noise and harsh operating conditions,
and a need for frequent maintenance which degrades the overall reliability
and robustness of the system. To overcome these issues significant research
efforts have been made in developing sensorless drives with comparable dy-
namic performance to sensor-based systems. In the context of motor con-
trol, the term sensorless control refers to operation without position sensors.
Instead, information regarding the rotor’s position and speed is indirectly
inferred from the phase current and voltage information.

Efforts aimed at simplifying the instrumentation requirements, be it through
sensor elimination or simplification, can yield significant advantages such as
cost savings and improved reliability. Additionally, the sensorless estimation
techniques can also be used for fault monitoring of sensor-based control sys-
tems and even act as a viable backup in case of sensor failure thus reducing
downtime.

Sensorless control schemes can be broadly categorized into model-based
methods and saliency-based methods. Model-based methods use the dy-
namic model of the motor as a basis to estimate certain signals of interest.
However, these methods often lack observability to detect low-frequency
information. To overcome these limitations, saliency-based methods were
developed enabling reliable estimation of low-frequency information. These
methods exploit the position-dependent variation of rotor characteristics
such as inductance and flux linkage to estimate its position. Most often,
these methods work by analyzing the response of the machine under a high-
frequency excitation signal to extract relevant rotor position information.

Extensive research has been conducted on angle sensorless control for con-
ventional motors, with comprehensive findings summarized in numerous re-
view papers [7, 58, 83]. In contrast, radial position sensorless control specific
to bearingless motors remains in its early stages of development with lim-
ited published experimental results [25, 75]. Nonetheless, ongoing research
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and advancements in sensorless control continue to improve the accuracy
and performance of these techniques, driving their widespread adoption in
a wide range of applications.

1.2 Objective and Outline of the Thesis

This research complements and builds upon prior work done by former UBC
graduate student Simon Szoke who designed and built a prototype bearing-
less motor for his MASc thesis. The motor is a homopolar bearingless slice
motor with a solid steel reluctance rotor and a quadruple three-phase com-
bined winding scheme. This motor was primarily based on Dr. Minkyun
Noh’s previous work [53] with a number of proposed improvements focused
primarily on improving the power density of the machine. These improve-
ments included novel stator and rotor designs, as well as a transition from a
separated winding scheme to a combined multiphase winding scheme. How-
ever, these improvements were exclusively from a motor design standpoint.

As part of his project, Simon utilized 4 off-the-shelf three-phase servo am-
plifiers for motor control. The setup used by Simon is shown in Figure 1.6a.
However, relying solely on commercially available motor drives poses limita-
tions in terms of research possibilities. Since commercially available motor
drives support only three phases and obscure the internal workings of the
system, they are not well suited for use in a research-oriented setting where
a low level of algorithmic control is required.

Recognizing these limitations, a goal set forth by our lab is to create a
custom motor control platform to advance research on multiphase machines
and more specifically multiphase combined winding bearingless motors. In
pursuit of this goal, we developed a custom multiphase motor drive solution
that integrates the controller, sensor circuitry, and power stages, thereby
facilitating prototyping and research efforts.

The development of this board allows us to revisit this problem from a
controls-oriented standpoint by exploring and implementing different control
strategies aiming to maximize the power density of the bearingless motor.
Power density, a key performance metric for motors, refers to the amount
of power that can be converted by the motor per its size and weight. By
enhancing the power density of the bearingless motor, we can achieve more
compact motor designs, enabling their use in a wider range of applications.

The performance of the motor drive was evaluated by connecting it to the

12



1.2. Objective and Outline of the Thesis

(a) Old setup [72].

(b) Current setup.

Figure 1.6: Photo of old and current experimental setups.
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bearingless motor prototype developed by Simon. The maximum speed
achieved in [6] was limited to 9500 RPM. The results presented in this
thesis are based on an improved motor drive system and control strategy.
This allows operating the prototype up to its rated speed as limited by the
available DC link voltage. The developed multiphase motor drive board and
the prototype bearingless motor are presented in Figure 1.6b.

The remainder of this thesis is organized as follows. We strongly recommend
reading the chapters in the order they appear to gain a better understanding
of the content.

• Chapter 2 - System Modelling: This chapter establishes the math-
ematical models of the bearingless slice motor. These models serve as
the basis for designing and tuning relevant control schemes.

• Chapter 3 - Hardware Design: In this chapter, details of the
designed multiphase motor drive platform are documented.

• Chapter 4 - Implementation and Testing: This chapter presents
the application of the developed motor drive to the prototype bear-
ingless motor. It outlines the control scheme, its implementation, and
presents test results.

• Chapter 5 - Conclusion and Future Work: In this chapter, the
overall contributions are summarized and some suggestions for future
work are given.
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Chapter 2

Modeling and Analysis of
Bearingless Slice Motors

This chapter focuses on establishing the mathematical model of multiphase
combined winding bearingless motors and serves as the basis for designing
and tuning applicable control schemes.

We begin by explaining a procedure for decoupling the torque and suspen-
sion systems in combined winding bearingless motors. We then separately
investigate the rotation and suspension dynamics of a 2 DOF bearingless
slice motor. The chapter finally concludes with the theory of model-based
sensorless control strategies for rotor angular and radial position estimation.

2.1 Rotation and Suspension Decoupling
Transformation

In contrast to conventional separated winding schemes, the utilization of
combined multiphase windings in bearingless motors offers notable advan-
tages such as simplified manufacturing and the ability to dynamically al-
locate the winding for torque-producing current or force-producing current
as needed during runtime. However, in order to independently regulate the
rotation and suspension of the motor, a decoupling procedure is necessary.
This procedure involves a conceptual decomposition of the multiphase vari-
ables into a new set of variables responsible for generating torque and radial
forces.

This is achieved using a generalized Clarke transformation matrix that trans-
forms the original set of multiphase variables of an n-phase machine into n⁄2,
or (n− 1)/2 for odd n, independent space vectors residing in two-dimensional
subspaces. These new subspaces are orthogonal and decoupled from one an-
other leading to a simplified modeling and control of multiphase machines
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2.1. Rotation and Suspension Decoupling Transformation

[34]. The generalized Clarke transformation matrix C for an n-phase sym-
metrical machine characterized by a spatial displacement of ϕ = 2π/n be-
tween consecutive phases is given as

C =
2

n



1 cosϕ cos 2ϕ . . . cos 2ϕ cosϕ
0 sinϕ sin 2ϕ . . . − sin 2ϕ − sinϕ
1 cos 2ϕ cos 4ϕ . . . cos 4ϕ cos 2ϕ
0 sin 2ϕ sin 4ϕ . . . − sin 4ϕ − sin 2ϕ
...

...
...

. . .
...

...
1 cos

(
n−2
2

)
ϕ cos

(
n−2
2

)
2ϕ . . . cos

(
n−2
2

)
2ϕ cos

(
n−2
2

)
ϕ

0 sin
(
n−2
2

)
ϕ sin

(
n−2
2

)
2ϕ . . . − sin

(
n−2
2

)
2ϕ − sin

(
n−2
2

)
ϕ

1/2 1/2 1/2 . . . 1/2 1/2
1/2 −1/2 1/2 . . . 1/2 −1/2


where the application of the matrix to transform the original set of n-phase
variables to their decoupled representation in orthogonal subspaces is carried
out as



fα1

fβ1

...
fα(n−2)/2

fα(n−2)/2

f0+
f0−


= C


f1
f2
...

fn−1

fn



The transformed variables denoted by (αkβk) subscripts represent the or-
thogonal components of the space vector in the k-th subspace. Control of
these current components in each subspace leads to the production of a
2k-pole field in the air gap. For instance, currents denoted by iα4, iβ4 will
induce an 8-pole field in the air gap. It is important to note that this is only
applicable provided that motor windings are designed such these current
components map to the desired air gap field components. A winding design
procedure to achieve that is outlined in [51].

The numeric subscript convention is adopted from this point onwards. The
last two elements correspond to the positive and negative zero-sequence
components 0+ and 0− respectively. The 0+ component represents the
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2.1. Rotation and Suspension Decoupling Transformation

average of the multiphase variables. For star-connected windings with a
floating neutral point, the zero-sequence current components evaluate to
zero. In the case of an even phase number, only the 0− component exists,
however, this is a one-dimensional quantity with limited practical use in
control and is therefore disregarded.

In multiphase motors, one subspace is used for the primary purpose of torque
production, while the remaining subspaces provide additional degrees of free-
dom that can be leveraged for secondary purposes such as torque enhance-
ment or post-fault operation [34].

To summarize, the generalized Clarke transformation transforms the origi-
nal set of n variables into a new set of variables in decoupled subspaces with
clear harmonic mapping of the induced spatial frequencies. However, this
new set of variables is still attached to a stationary reference frame. When
analyzing electrical machines, it is often beneficial to use a rotating coordi-
nate system. This choice is motivated by the fact that sinusoidally varying
quantities in stator fixed coordinates are transformed into DC quantities
in rotor fixed coordinates. By using a rotational transformation, we can
convert a vector expressed in the stationary frame (αkβk) to an equivalent
representation in a rotor fixed reference frame (dkqk) by rotating it with an
electrical angle of θe = kθm, where θm represents the mechanical/physical
rotor angle. Depending on the application, the rotational transformations
are applied to specific 2k harmonic components as follows

[
fdk
fqk

]
=

[
cos(kθm) sin(kθm)
− sin(kθm) cos(kθm)

] [
fαk

fβk

]
The dq reference frame consists of two orthogonal axes: the d-axis and the
q-axis. The d-axis is aligned with the rotor magnetizing flux, while the q-axis
is perpendicular to the d-axis in electrical coordinates. This transformation
to rotor fixed coordinates not only simplifies the machine model and analysis
by eliminating rotor angle-dependent terms but also simplifies the control
strategy by decoupling the torque-producing current component (iq) along
the q-axis from the flux-producing current component (id) along the d-axis.
It also enables the use of simple PI controllers in tracking high-frequency
sinusoidal references without the need for resonant controllers commonly
used in single-phase systems. This simplified and decoupled control allows
us to treat an AC machine as a separately excited DC motor and is the basis
of field-oriented control also commonly referred to as vector control.
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2.1. Rotation and Suspension Decoupling Transformation

Figure 2.1: Coordinate systems in homopolar reference motor (not to scale).

The operation of a bearingless motor necessitates the generation of two dis-
tinct field components in the airgap: a synchronously rotating p-pole pair
field for torque generation and a ps-pole pair field for suspension force gen-
eration. This is accomplished by regulating the phase variables in the p
and ps subspaces for controlling the rotation and suspension of the rotor
respectively. Using standard vector control theory we are able to control
the magnitude and orientation/phase of these harmonic components to si-
multaneously levitate and rotate the rotor.

For instance, taking the reference prototype homopolar motor (p = 4, ps =
1, n = 12) as an example, a synchronously rotating 8-pole field is required
for torque generation, and a stationary 2-pole field that interacts with a
preexisting homopolar bias field is required to generate levitation forces.
Generation of these spatial field components is achieved by regulating the
current vector components in the decoupled α4β4 and α1β1 subspaces re-
spectively. Additionally, a rotational transformation is used to transform
the rotating space vector in the stationary α4β4 frame to an equivalent sta-
tionary vector expressed in the rotating d4q4 frame. A visual depiction of
the different coordinate systems is presented in Figure 2.1. Here the stator
fixed and the rotor fixed reference frames are denoted with red and blue
lines respectively.
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2.1. Rotation and Suspension Decoupling Transformation

Transforming the original set of multiphase variables f1−n into their decou-
pled representation in orthogonal subspaces and vice versa is carried out
as


fαps

fβps

fdp
fqp

 = [Tr] [Tc] f1−n

f1−n = [Tc]
−1 [Tr]

−1


fαps

fβps

fdp
fqp

 =
n

2
[Tc]

T [Tr]
T


fαps

fβps

fdp
fqp


where Tc and Tr are matrices of dimension 4×n and 4×4 respectively

Tc =
2

n


1 cos psϕ cos 2psϕ . . . cos 2psϕ cos psϕ
0 sin psϕ sin 2psϕ . . . − sin 2psϕ − sin psϕ
1 cos pϕ cos 2pϕ . . . cos 2pϕ cos pϕ
0 sin pϕ sin 2pϕ . . . − sin 2pϕ − sin pϕ



Tr =


1 0 0 0
0 1 0 0
0 0 cos pθm sin pθm
0 0 − sin pθm cos pθm


The matrix Tc represents the generalized Clarke transformation responsible
for the decoupling of the multiphase variables into different subspaces, while
Tr represents the rotational transformation matrix.

By employing this decoupling procedure, we effectively separate the analysis
of suspension and rotation in a combined winding machine, treating it as if it
had separate windings. This enables a simplified approach to the modeling
and control of bearingless motors. From this point onwards, we refer to the
αpβp and αpsβps subspaces as rotation and suspension windings respectively.
However, it is important to note that these are fictitious windings and this
naming convention, although not technically correct, is simply used for its
convenience.
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2.2. Bearingless Motor Model

2.2 Bearingless Motor Model

Having explained the concept of space vectors and their uses in the con-
trol and analysis of multiphase machines we now shift our attention to the
mathematical model of the bearingless slice motor. The equations presented
will be specific to the reference prototype homopolar motor but the general
principles and methodology apply and can be extended to most bearingless
machines.

2.2.1 Mechanical Dynamics

When modeling the mechanical motions of the motor for the ultimate pur-
pose of designing and tuning suitable control schemes we are only concerned
with capturing the dynamics of the controllable DOFs. For a bearingless
slice motor, this consists of the linear displacements along the x and y-axes
and rotations about the z-axis, where all motions are assumed to be decou-
pled from one another.

The dynamics of the linear motions are similar to that of a two-axis magnetic
bearing system. A typical differential magnetic bearing system is modeled
as a mass-spring system with a destabilizing negative spring stiffness. This
spring force is representative of the unbalance pull force that grows in pro-
portion to the rotor’s eccentricity. A stabilizing controller should be able
to compensate for this effect in order to achieve successful levitation. The
equations of motion are expressed in a stationary reference frame where
no cross-coupling terms due to fictitious forces appear. The dynamics are
described using Newton’s second law of motion as

Fex + Kxx = Kixiα + Kxx = mẍ

Fey + Kyy = Kiyiα + Kyy = mÿ

Te − Tl = Jω̈m

where m and J are the mass and rotational inertia of the rotor, x and y
are the linear displacements of the rotor relative to the magnetic center of
the stator, ωm is the angular speed of the motor, Te and Tl are the elec-
tromagnetic and load torques, Kx,y are the equivalent spring constants for
each corresponding axis, and Fex,ey are the electromagnetic radial forces
established by the windings. This force is modeled as the product of the
suspension current iα,β and a force constant Kix,iy. This force constant is
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2.2. Bearingless Motor Model

proportional to the bias flux and can vary as a function of the rotor angle
depending on the type of bearingless motor being modeled. The bias field
in the heteropolar motor category is established using the motor’s rotating
p-pole pair magnetizing flux. Therefore the force constant exhibits a depen-
dency on the rotor angle. This is contrary to homopolar motors that have a
fixed force constant in principle. Due to this angle dependency, heteropolar
motors require an appropriate current commutation procedure to linearize
the force-current relationship for controller implementation. To this end,
Chiba outlines a decoupling method in [14].

It is important to note that the presented models are linearized about the
rotor-centric position. In reality, the force and spring constants also exhibit
a dependency on the rotor’s radial position but this effect is neglected for
our linear controller implementation. Attempts at arriving at more compre-
hensive models that include effects of eccentricity, and field saturation are
presented in [64] however that is beyond the scope of this project and is not
addressed any further.

2.2.2 Electrical Dynamics

The electrical dynamics of a motor are governed by the voltage and flux
linkage equations. The voltage and flux linkage equations of the stator
windings are expressed as

v1−n = Rs i1−n +
dλ1−n

dt
λ1−n = [Ln] i1−n + λf

where Rs is the phase winding resistance, [Ln] is the n×n inductance matrix,
and v1−n = [v1 . . . vn]T is the phase voltage vector. The phase current
i1−n and flux linkage λ1−n vectors are similarly defined. The resistance of
the different phase windings are assumed to be identical, and as such it is
treated as a scalar quantity. By using the generalized Clarke transformation
matrix [Tc] defined earlier, the voltage equations of the fictitious rotation
and suspension windings are derived as
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[Tc] v1−n︸ ︷︷ ︸
vαβ

= Rs [Tc] i1−n︸ ︷︷ ︸
iαβ

+ [Tc]
dλ1−n

dt︸ ︷︷ ︸
dλαβ
dt

vαβ = Rs iαβ +
dλαβ

dt

Similarly, the flux linkage equations of the fictitious windings are derived as

[Tc]λ1−n︸ ︷︷ ︸
λαβ

= [Tc] [Ln] [Tc]
−1︸ ︷︷ ︸

Lαβ

iαβ + [Tc]λf︸ ︷︷ ︸
λfαβ

Rewriting the voltage equations in matrix form yields

[
vαpβp

vαpsβps

]
︸ ︷︷ ︸

vαβ

= Rs

[
iαpβp

iαpsβps

]
︸ ︷︷ ︸

iαβ

+
d

dt

[
λαpβp

λαpsβps

]
︸ ︷︷ ︸

λαβ

where vαpsβps = [vαps vαps ]
T and vαpβp = [vαp vαp ]T are the suspension

and rotation winding voltage vectors respectively. The current and flux
linkage vectors are similarly defined. The flux linkage equations are further
expanded in block matrix form as

[
λαpβp

λαpsβps

]
=

[
Lαpβp M
MT Lαpsβps

]
︸ ︷︷ ︸

Lαβ

[
iαpβp

iαpsβps

]
+

[
λfαpβp

λfαpsβps

]
︸ ︷︷ ︸

λfαβ

where the inductance matrices and the permanent magnet flux linkage vec-
tors are given as

Lαpβp =

[
Lαp 0

0 Lβp

]
Lαpsβps =

[
Lαps 0

0 Lβps

]
M =

[
Mαpαps Mαpβps

Mβpαps Mβpβps

]
λfαpβp

= Ke

[
cos pθm
sin pθm

]
λfαpsβps

=

[
λ′
fαps

x

λ′
fβps

y

]
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(Lαp , Lβp) and (Lαps , Lβps) are the rotation and suspension winding self
inductances respectively; M is the mutual inductance matrix; Ke is the
rotation winding permanent magnet flux linkage; and (λ′

fαps
, λ′

fβps
) are the

derivatives of the suspension winding permanent magnet flux linkage (Wb m−1)
with respect to the x and y directions respectively.

Suspension Windings

In heteropolar motors, the suspension forces are generated by the interac-
tion of the fields produced by the suspension and rotation windings. This
interaction occurs via the mutual inductance matrix M which plays a cru-
cial role in establishing the suspension force characteristics of heteropolar
motors. In the reference homopolar motor, this matrix approximates to
zero, as validated by FEA simulations, offering minor contributions to the
suspension force, and therefore is neglected in our analysis.

By neglecting the effects of the mutual inductance matrix we can decou-
ple and separate the flux linkage equations of the rotation and suspension
windings for separate analysis. Substituting back the decoupled flux link-
age equations into the voltage equations yields our final suspension winding
voltage equation as

vαps = Rsiαps + Lαps

diαps

dt
+ λ′

fαps
ẋ

vβps = Rsiβps + Lβps

diβps

dt
+ λ′

fβps
ẏ

Expressions for the electromagnetic radial force can be obtained using the
co-energy method. The magnetic co-energy W ′

m is given as

W ′
m =

n

2

(
1

2
iTαβ Lαβ iαβ + λT

fαβ
iαβ

)
By taking the partial derivative of the co-energy with respect to x and y
displacements, the force expressions in the corresponding axes are obtained
as
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Figure 2.2: Suspension plant block diagram.

Fex =
n

2
λ′
fαps

iαps = Kixiαps

Fey =
n

2
λ′
fβps

iβps = Kiyiβps

It is important to note that due to the neglection of the mutual inductance
terms, this is not a general procedure that can be extended to any homopo-
lar motor. A generalized analytical procedure for computing the suspension
force constants using the Maxwell stress tensor method in homopolar bear-
ingless motors is presented in [26]. A block diagram representation of the
suspension subsystem is presented in Figure 2.2.

Rotation Windings

The voltage and flux linkage equations of the rotation windings are trans-
formed to a synchronously rotating reference frame dpqp where the sinu-
soidally varying quantities appear as DC quantities. Substituting the flux
linkage equations into the voltage expression yields the following voltage
equations
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vdp = Rsidp + Ldp

didp
dt

− ωeLqpiqp

vqp = Rsiqp + Lqp

diqp
dt

+ ωeLdpidp + ωeKe

where Ldp and Lqp are the inductances expressed in the dpqp reference frame
and ωe = pωm is the rotor electrical speed. The first two terms in the
rotation winding voltage equations are the resistive and inductive voltage
drops respectively. The remaining terms are speed-induced voltage terms
that grow in proportion to the rotor’s speed. These terms emerge as we
transform from a stationary reference frame to a rotating one.

Assuming the rotor is maintained in the magnetic center position, The
torque generation principle is identical to that of a permanent magnet syn-
chronous motor (PMSM) and thereby it is treated as such. Due to rotor
eccentricity, there can be a coupling between the suspension and rotation
which may generate parasitic torque disturbances however that effect is often
neglected for a simplified controller implementation. The torque equation is
given as

Te =
np

2

[
λdpiqp − λqpidp

]
=

np

2
[ Keiqp︸ ︷︷ ︸
PM Torque

+ (Ldp − Lqp)idpiqp︸ ︷︷ ︸
Reluctance Torque

]

From this, we see that the net torque developed by a PMSM motor consists
of two components. The first term is the permanent magnet torque which
arises from the interaction of the magnetic fields established by the perma-
nent magnets with the magnetic fields induced by the stator windings. The
second term is a reluctance torque that arises due to saliency (Ldp − Lqp).
This torque is produced as the rotor tends to align itself with the stator’s
magnetic field to minimize the magnetic reluctance.

Furthermore, we observe that there is no unique mapping from the com-
manded current reference vector to the resulting output torque, indicating
the possibility for optimization. To address this, control strategies such
as MTPA (Maximum Torque per Ampere) aim to maximize the motor’s
efficiency by minimizing copper losses. This is done by selecting an opti-
mum current reference vector that maximizes the torque per unit of current
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supplied to the motor. Successful application of the MTPA strategy re-
quires accurate knowledge of the motor’s parameters. Motors that exhibit
no saliency (Ldp = Lqp) have a simple MTPA strategy where the idp current
is maintained at zero since it does not contribute to torque production.

The MTPA control strategy is effective when the motor operates within its
base speed. The motor’s base speed denotes the angular velocity at which
the maximum line to neutral voltage vmax is supplied by the inverter. This
speed is dependent on the available DC bus voltage VDC and the loading
conditions and can be derived from the steady state voltage equations as
follows

vdp = Rsidp − ωeLqpiqp

vqp = Rsiqp + ωeLdpidp + ωeKe

By neglecting the resistive voltage drop terms due to their small contribu-
tions at high speeds, the base speed is approximated as

vmax =
1√
3
VDC ≥

√
v2dp + v2qp

ω =
vmax√(

Lqpiqp
)2

+
(
Ldpidp + Ke

)2
As the motor approaches its base speed, as dictated by the available DC
bus voltage and the loading conditions, the increasing speed-induced volt-
age terms progressively reduce the differential voltage margin available for
controlling the stator currents. Consequently, operation beyond the rated
speed necessitates the implementation of a flux-weakening control strategy.

Flux weakening involves the reduction of the back electromotive force (EMF)
by injecting negative idp currents to reduce the flux linkage in the d-axis.
This approach aims to maintain a voltage margin that allows for effective
control of the stator currents. Operating in the flux weakening regime entails
a trade-off between torque and speed, with a reduction in torque in exchange
for increased rotational speed.

26



2.3. Sensorless Control

2.3 Sensorless Control

Having established the mathematical model of the bearingless slice motor,
we now examine how these models can be used to construct state observers
for estimating the rotor angular and radial positions.

2.3.1 Angle Estimation

Angle sensorless control of PMSM motors can be mainly grouped into two
main categories: model-based methods and saliency-based methods.

Model-based methods use the dynamic model of the motor to estimate cer-
tain states of interest (eg. back emf or rotor flux linkage) from which the
rotor angular position and speed information can be extracted. However, the
magnitude of these position-related states is proportional to the rotor speed.
Consequently, these methods suffer from a degradation in performance at
low speeds due to the low signal-to-noise ratio (SNR).

Model-based methods have been realized using both open-loop calculations
and closed-loop observers. Open-loop methods use the mathematical model
of the motor to predict the position-related states of interest. These meth-
ods are sensitive to machine parameter variations, are susceptible to drift
and measurement noise, and exhibit unsatisfactory transient performance.
Closed-loop observers overcome these shortcomings by having a feedback
correction scheme that minimizes prediction errors in measured states thereby
facilitating the convergence of unmeasured states of interest towards their
true values. Several observer schemes such as linear state observers [12], slid-
ing mode observers (SMO) [13], and extended Kalman filters (EKF) [8] have
been proposed in the literature. Among these methods, the linear state ob-
server strikes a balance between computational efficiency, performance, and
robustness to parameter variations.

Saliency-based methods were developed to overcome the low-speed limita-
tions of model-based methods and enable reliable sensorless control at low
speeds and stand still. These methods exploit the magnetic saliency, which
refers to the spatial variation of inductance based on rotor position, present
in certain motor constructions. By injecting a high-frequency excitation
signal into the motor, saliency-based methods can extract and utilize this
saliency to estimate the rotor position. Motors that exhibit no saliency are
not good candidates for this sensorless estimation method. To address this,
there is ongoing research on developing sensorless estimation methods for
nonsalient machines.
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However, in contrast to model-based methods, the use of a high-frequency
excitation signal in saliency-based methods presents a number of challenges
that render them less favorable. For instance, injection of the high-frequency
voltage incurs losses and consumes a portion of the available voltage margin,
limiting high-speed operation. Additionally, saliency-based methods require
complex signal processing procedures to estimate the rotor position infor-
mation. To address this limitation, hybrid schemes have been proposed,
combining both model-based and saliency-based methods. This hybrid ap-
proach uses saliency-based methods at low speeds and standstill, where they
are necessary, and transitions to model-based methods at medium to high
speeds. By doing so, reliable sensorless performance is ensured across the
entire operating speed range of the motor.

For the reference homopolar motor, a lack of sufficient saliency (Ldp ≈ Lqp)
rules out the possibility of using saliency-based methods. As such we focus
on model-based methods. In particular, we experiment with two variants of
the linear state observer and highlight the differences in testing. To enable
complete sensorless operation we employ an open loop startup method which
brings up the motor up to a speed where the model-based methods perform
reliably.

Stationary Frame Back Emf Observer [12]

The voltage equations of the rotation windings in the synchronously rotating
dpqp frame are repeated here for convenience. The following analysis applies
to the rotation windings and thus the subscript p is omitted for convenience
and better readability

[
Vd

Vq

]
=

[
R + sLd −ωeLq

ωeLd R + sLq

] [
id
iq

]
+

[
0

ωeKe

]
where s is the time differential operator and Ke is the back emf constant
of the machine. Rewriting the voltage equations such that the impedance
matrix is in skew-symmetric form we obtain the following

[
Vd

Vq

]
=

[
R + sLd −ωeLq

ωeLq R + sLd

] [
id
iq

]
+

[
0

Eex

]
︸ ︷︷ ︸

edq

(2.1)

Eex = (Ld − Lq)(ωeid − i̇q) + ωeKe
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The dot operator i̇q means that it is only effective for iq. This usage is differ-
ent from the differential operator s which acts on any terms it is multiplied
by. Moreover, the vector [0 Eex]T is known as the extended EMF (EEMF).
The extended EMF is an extension of the back EMF concept which aims to
generalize the analysis to salient machines. In the case of nonsalient machine
with (Ldp = Lqp), this term simply evaluates to the well known back EMF
[0 ωeKe]

T resulting in a simpler model. Transforming the voltage equations
to the stationary αpβp frame yields

[
Vα

Vβ

]
=

[
R + sLd ωe(Ld − Lq)

ωe(Ld − Lq) R + sLd

] [
iα
iβ

]
+

[
eα
eβ

]

eαβ =

[
eα
eβ

]
= Eex

[
− sin θe
cos θe

]
Rewriting the impedance matrix in a skew-symmetric form prior to the
coordinate transformation cleverly eliminates any rotor angular position-
dependent terms, that arise from magnetic saliency, in the corresponding
impedance matrix expressed in the αpβp reference frame. This simplifies
the estimation problem. More details on this procedure can be found in
[12].

By examining the voltage equations, we observe that the rotor angle in-
formation θe is contained within the extended back emf term eαpβp . By
regarding the extended emf terms as a disturbance with simplified dynam-
ics, we can construct a disturbance observer to estimate these signals. The
observer is constructed based on the following augmented state space model

ėαβ = ωeEex

[
− cos θe
− sin θe

]
+ Ėex

[
− sin θe
cos θe

]
≈ ωe

[
0 −1
1 0

]
eαβ

d

dt

 iαβ

eαβ

 =

 A11 A12

A21 A22


 iαβ

eαβ

+

 B1

B2

[Vαβ

]
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A11 = −
(
Rs

Ld

)
I2×2 + ωe

(
Ld − Lq

Ld

)
J

A12 = −
(

1

Ld

)
I2×2, A21 = B2 = 02×2

A22 = ωeJ B1 =

(
1

Ld

)
I2×2, J =

[
0 −1
1 0

]

This state space model has four states of which the two current states iαpβp

are measured using sensors. A partition between the measured and unmea-
sured states is indicated by the lines seen in the state vector.

In developing the state space model a number of simplifying assumptions are
made. Firstly, the rotor angular speed ωe is regarded as a constant parame-
ter in the model. This is based on the assumption that the electrical system
time constant is far smaller than the mechanical time constant. Secondly,
the dynamics of the extended emf term are simplified by ignoring the Ėex

term. This simplification is justified by the fact that this term only arises
when the currents id or iq are changing. However, due to the high bandwidth
of the current control loop, these changes occur rapidly, and their impact
on the observer is limited by its bandwidth.

Instead of using a full-order observer, we use a reduced-order observer to
solely estimate the unmeasured extended emf signals. This allows for a
simpler and more efficient implementation in practice. The reduced order
observer to estimate eαβ is constructed as follows

˙̂eαβ − Li̇αβ = (A22 − LA12) êαβ

+ (A21 − LA12) iαβ + (B2 − LB1)Vαβ

where L =

[
l11 l12
l21 l22

]
is the observer gain matrix designed using a pole

placement procedure. The hat symbol indicates an estimated quantity. A
block diagram representation of the reduced order observer is presented in
Figure 2.4. The dynamics of the estimation error are described as

∆ ˙̂eαβ = (A22 − LA12)∆êαβ
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Therefore, provided that (A22, A12) are observable, the eigenvalues of (A22−
LA12) can be freely assigned by a suitable choice of the observer gain matrix
L. Expanding (A22 − LA12) as

A22 − LA12 =

[
l11
Ld

−ωe + l12
Ld

l21
Ld

+ ωe
l22
Ld

]

It is apparent that the matrix elements, and consequently the eigenvalues,
are dependent on the rotor’s electrical speed. This dependency on rotor
speed introduces some uncertainty regarding the observer’s performance and
stability across a wide speed range. For instance, by fixing the rotor speed ωe

at 100 rad/s we can design the observer gain matrix to place both closed-loop
poles at -500 rad/s using the pole placement command place() in MATLAB.
After designing the L matrix we plot the closed-loop pole locations as a
function of rotor speed by evaluating the eigenvalues of (A22 − LA12). The
resulting plot is presented in Figure 2.3. The plot demonstrates that while
the real parts of the poles remain unchanged, the imaginary parts grow
proportionally with speed.

To mitigate the drift of the closed-loop pole locations, some experimenta-
tion was conducted with parameter-varying L matrices to maintain fixed
pole locations regardless of speed. The design procedure for the variable
L matrices involved evaluating the characteristic polynomial of the desired
closed-loop pole locations (p1, p2) and using its associated companion matrix
to determine the elements of the gain matrix:

A22 − LA12 =

[
l11
Ld

−ωe + l12
Ld

l21
Ld

+ ωe
l22
Ld

]
=

[
0 1

−(p1p2) (p1 + p2)

]

L =

[
l11 l12
l21 l22

]
= Ld

[
0 1 + ωe

−(p1p2 + ωe) (p1 + p2)

]
However, the results obtained through simulations in Simulink using this
variable gain matrix approach were generally unsatisfactory or exhibited no-
ticeably inferior performance, characterized by sustained oscillations, com-
pared to using a fixed gain matrix designed in MATLAB. Therefore, this
approach was not further pursued.

Due to the sinusoidal nature of the extended back emf signals in the station-
ary reference frame, high bandwidth observers are required to successfully
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Figure 2.3: Closed loop pole locations as a function of speed ωe.

Figure 2.4: Stationary frame EEMF observer.
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estimate these signals at high speeds with a low amplitude attenuation and
phase lag. However, tuning the observer to have an arbitrarily high band-
width limits its ability to reject noise effectively.

To overcome the limitations of this inherent tradeoff, [46] proposes a rotating
frame back emf observer which aims to estimate the extended emf signals
in the estimated rotor frame instead, where they appear as slowly varying
DC quantities that are easy to track using low-bandwidth observers.

Rotating Frame Back Emf Observer [46]

In order to establish the new state space model in the estimated rotor frame
we first transform the voltage equations 2.1 using the following transforma-
tion matrix and its inverse

[
fd̂p
fq̂p

]
=

[
cos(∆θe) − sin(∆θe)
sin(∆θe) cos(∆θe)

] [
fdp
fqp

]
(2.2)

where ∆θe = θe − θ̂e is the error between the estimated and actual elec-
trical angle and the subscript d̂pq̂p denotes the estimated rotor reference
frame. Once again the p subscripts are omitted in the analysis that follows.
Transforming the voltage equations to the estimated rotor reference frame
yields

[
Vd̂
Vq̂

]
=

[
Rs + pLd −ωreLq

ωreLq R + pLd

] [
id̂
iq̂

]
+

[
ed̂
eq̂

]
(2.3)

[
ed̂
eq̂

]
= Eex

[
− sin(∆θe)
cos(∆θe)

]
− ∆ωeLd

[
−id̂
iq̂

]
(2.4)

Contrary to its equivalent representation in the stationary reference frame,
the extended emf term in the estimated rotor reference frame is a function
of the position error signal rather than the position itself.

From here we follow the same procedure as with the stationary frame ob-
server. By regarding the extended emf terms as a disturbance with ignorable
dynamics, we can construct a disturbance observer to estimate these signals.
The observer is constructed based on the following augmented state space
model
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d

dt

 id̂q̂

ed̂q̂

 =

 A11 A12

A21 A22


 id̂q̂

ed̂q̂

+

 B1

B2

[Vd̂q̂

]

A11 = −
(
Rs

Ld

)
I2×2 + ωe

(
Lq

Ld

)
J

A12 = −
(

1

Ld

)
I2×2, A21 = A22 = B2 = 02×2

B1 =

(
1

Ld

)
I2×2, J =

[
0 1
−1 0

]

This state space model has four states of which the two current states id̂q̂ are
measured using sensors. A partition between the measured and unmeasured
states is indicated by the lines seen in the state vector.

As with the stationary frame observer, a number of simplifying assumptions
are made in developing the state space model. Firstly, the rotor angular
speed ωe is regarded as a constant parameter in the model. Secondly, the
dynamics of the extended emf term are assumed to be zero. This level of
simplification may not be justifiable at rapidly accelerating or transient con-
ditions. Reference [32] proposes a refined state space model which captures
the effects of these neglected dynamics. However, their analysis is restricted
to nonsalient machines with simpler models.

A reduced order observer to estimate the unmeasured EEMF signals ed̂pq̂p
is constructed as follows

˙̂ed̂pq̂p − Li̇d̂pq̂p = (A22 − LA12) êd̂pq̂p

+ (A21 − LA12) id̂pq̂p + (B2 − LB1)Vd̂pq̂p

where L is the observer gain matrix designed using a pole placement pro-
cedure. A block diagram representation of the reduced order observer is
presented in Figure 2.5 The dynamics of the estimation error are described
as
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Figure 2.5: Rotating frame EEMF observer.

∆ ˙̂ed̂pq̂p = (A22 − LA12)∆êd̂pq̂p

Contrary to the stationary frame observer, the matrix (A22 − LA12) shows
no dependence on rotor speed, thereby a fixed gain matrix can be designed
to achieve the desired closed-loop pole locations.

Angle Tracking Observer

Having estimated the components of the EEMF signal the next step is to
extract the rotor position information contained within them. Given the
quadrature nature of the estimated signals, a simple and commonly em-
ployed strategy is to use an open loop inverse tangent calculation. However,
this method is susceptible to noise, particularly near the zero crossing of the
EEMF signals, and cannot be used if the output of the observer is a function
of the position error signal as is the case with the rotating frame observer.
Additionally, this method does not provide an estimate of the rotor speed
on its own, requiring additional means to determine it.

An alternative method is to use a PLL-based angle-tracking observer to esti-
mate the rotor position and speed. The basic idea of a PLL is to generate an
output signal that is synchronized to some input reference signal. The PLL
structure consists of a phase detection step followed by an error regulation
loop. The phase detector compares the phases of the reference and output
signals, yielding an error signal that indicates the phase difference between
the two. The error regulation stage adjusts the frequency of the output sig-
nal to minimize the phase difference, thus achieving synchronization between
the two signals.
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Depending on the nature of the estimated EEMF signal the phase detec-
tion step may or may not be necessary. Starting with the stationary frame
observer, a block diagram representation of the angle tracking observer is
presented in Figure 2.6. Assuming the error between the estimated and
actual rotor positions is small, the following trigonometric identity can be
used to compute the phase difference between the input and output signals

Eex sin(θe) cos(θ̂e) − Eex cos(θe) sin(θ̂e) = Eex sin(θe − θ̂e) ≈ Eex∆θe

Based on this error term a PI regulator can be designed to estimate the
rotor speed ω̂e which is then integrated to estimate the rotor position θ̂e.
In the case of the rotating frame observer, the phase detection step is not
necessary since the estimated EEMF is already a function of ∆θe. From the
estimated EEMF signals the position error estimate can be derived in one
of two ways

∆θe = tan−1

(−ed̂p
eq̂p

)
or ∆θe ≈

(−ed̂p
Eex

)

From here the same PLL structure excluding the phase detection step can be
used. Neglecting the dynamics of the phase detection stage the closed-loop
transfer function can be expressed as

GPLL =
θ̂(s)

∆θ(s)
=

Kps + Ki

s2 + Kps + Ki

Since the input to the error regulation loop Eex∆θ grows in proportion to
the rotor speed the normalization procedure, shown in Figure 2.6, is done
to desensitize the tracking performance of the PLL to the motor speed.

Tuning of the controller parameters is done in accordance with the design
procedure presented in [80]. This procedure aims to limit the maximum
estimation error ∆θ subject to a maximum acceleration of a. The derivation
details are omitted but the final result is presented below

ρ =

√
a

∆θmax
Kp = 2ρ Ki = ρ/2
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(a)

(b)

Figure 2.6: PLL-based angle tracking observers for (a) stationary and (b)
rotating frame EEMF observer implementations.
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2.3.2 Radial Displacement Estimation

Similar to the categorization of angle sensorless control methods there are
two main approaches for estimating the rotor radial position; model-based
methods and methods that exploit position-dependent variations in the ma-
chine parameters and their observable effects on measured states.

Model-based methods exhibit a number of drawbacks including their inabil-
ity to estimate the rotor’s absolute position and susceptibility to instability
with slight parameter variations and uncertainties [40]. To address these
challenges, there is ongoing research on alternative schemes providing robust
estimation performance such as high-frequency injection methods [49, 50].

Nevertheless, despite their shortcomings, model-based methods have been
successfully demonstrated on AMBs [45]. However, to the best of our knowl-
edge, they have not been applied to homopolar bearingless motors which
motivated us to extend their application to this domain.

To construct a state observer for estimating the rotor position we first de-
velop a linear state space model using the suspension winding voltage equa-
tions and the radial displacement equations of motion. Since the dynamics
of the two axes are assumed to be decoupled only a single axis is shown to
avoid redundancy. The state space model is formulated as follows:

d

dt


iαps

x

ẋ

 =


− Rs

Lαps
0 −

λ′
fαps

Lαps

0 0 1

Kix
m

Kx
m 0




iαps

x

ẋ

+


1

Lαps

0

0

 vαps

This state space model has three states of which only the suspension cur-
rent component iαps

is measured using a sensor. A partition between the
measured and unmeasured states is indicated by the lines seen in the state
vector.

We experimented with both full-order and reduced-order state observers
for radial position estimation. The estimated outputs of the observers, in
particular the linear displacement x̂, did seem to converge onto the measured
radial position signals in both simulation and practice. However, attempts at
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using the estimated position for feedback destabilized the suspension control
in practice causing the rotor to crash.

A number of strategies were experimented with to attempt to achieve suc-
cessful levitation using the estimated position. We summarize those strate-
gies in the following bullet points

• The transition from sensor-based feedback control to observer-based
control was done in a gradual manner by computing the position signal
used for feedback control xfb as a weighted sum of the measured and
estimated position signals, x and x̂ respectively

xfb = w1x + w2x̂

where the weights w1 and w2 were assigned using a complementary
filtering approach.

• We experimented with voltage control and the classical current control
architecture. Technically speaking both are voltage-controlled as they
produce voltage commands for regulating the stator winding currents
but the difference lies in the control implementation. The current
control scheme consists of a nested control structure with an inner
current loop and an outer motion control. The dynamics of the inner
current loop are neglected when designing the motion controller with
current being treated as the plant input. In contrast, the voltage
control scheme uses a full-state feedback control structure where the
current is treated as a state variable and voltage is the input to the
plant. The voltage control architecture is shown to be more robust
and easier to stabilize in [76].

• Different controller and observer tunings were experimented with for
both controller and observer implementations.

However, despite these attempts, radial position sensorless operation was
unsuccessful and requires a more thorough investigation and will not be
discussed further.
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Chapter 3

Hardware Design

This chapter provides a comprehensive review of the hardware developed
for this thesis. We begin by presenting a brief background on the reference
bearingless motor and the off-the-shelf setup used for motor control, high-
lighting their limitations and justifying the need for a custom motor drive.
The chapter proceeds with a detailed examination of the developed multi-
phase motor drive, covering power distribution, sensing schemes, controller
selection, and PCB design.

3.1 Overview of Previous Experimental Setup

Figure 3.1 shows the experimental setup used by former graduate student
Simon Szoke in his MASc research. The setup includes a homopolar bear-
ingless slice motor and the associated controllers and power electronics em-
ployed for its control.

3.1.1 Homopolar Bearingless Motor

The presented motor is a homopolar bearingless slice motor with a solid
steel reluctance rotor, a flat stator winding structure, and a quadruple three-
phase combined winding scheme. This motor was primarily based on Dr.
Noh’s previous work as for his PhD thesis [53] with a number of proposed
changes focused primarily on improving the power density and efficiency
of the machine. These changes include novel stator and rotor designs, a
transition from using linear power amplifiers to switching power amplifiers,
and a shift from a separated winding scheme to a combined multiphase
winding scheme. A CAD rendering of the homopolar bearingless motor is
presented in figure 3.2.

A circular permanent magnet Hallbach array placed along the tips of the
stator teeth establishes a homopolar bias flux in the air gap. Suspension
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Figure 3.1: Former experimental setup [72].

Figure 3.2: Prototype homopolar bearingless motor cross-section.

41



3.1. Overview of Previous Experimental Setup

Figure 3.3: Engineering drawing of reluctance rotor [72].

regulation is achieved by superimposing a two-pole flux to perturb the sym-
metric air gap flux distribution, thereby imparting a net force on the rotor.
The elimination of the magnets from the rotor allows for a cheap and dis-
posable rotor construction that is well suited for operation at high speeds
where quadratically increasing centrifugal forces present problems to rotors
with embedded slots and brittle magnets.

The rotor features four salient teeth distributed symmetrically along the
circumference of the rotor. These teeth modulate the bias airgap flux with an
8-pole field component. From a torque generation standpoint, the resulting
field distribution resembles that of an 8-pole rotor that can be rotated using
a synchronously rotating 8-pole field generated by the stator windings. A
detailed drawing of the rotor is presented in Figure 3.3.

The stator has 12 slots with a simple winding arrangement consisting of
12 concentrated coils connected as 4 sets of three-phase windings with 4
different isolated neutral points. This winding configuration is capable of
generating 2, 4, 8, and 10-pole fluxes and was designed to accommodate
different bearingless motor architectures. An identical stator was used by
former UBC graduate student Taryn Loutit in her MASc research on a
dipole interior permanent magnet bearingless motor which uses a 2-pole
field for torque generation and a 4-pole field for suspension force generation.
Comprehensive details on the design and construction of the stator and
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Figure 3.4: Bearingless motor winding scheme [38].

Figure 3.5: Previous system architecture.

rotor can be found in their MASc theses [38, 72]. An illustration of the
stator winding scheme is presented in Figure 3.4.

3.1.2 Motor Control System

The previous motor control system architecture is depicted in Figure 3.5.
Two separate controllers were used due to a lack of sufficient I/O: a main
controller (cRIO 9068) and a secondary controller (myRIO 1900). Addition-
ally, 4 off-the-shelf three-phase PWM switching amplifiers (VSA1-510) were
used for regulating the phase winding currents.

The main controller receives measurements of the radial and angular po-
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sitions of the rotor. The angle measurement is fed directly to the main
controller via analog Hall effect sensors while the radial position informa-
tion is sent to the main controller through the secondary controller. The
main controller implements the motion control algorithms and sends refer-
ence current commands to the inverters which regulate the currents in the
windings of the machine to control the suspension and rotation of the rotor.

This multi-controller architecture has a number of drawbacks such as an
underutilization of the secondary controller, increased wiring complexity and
cost, and most importantly a lack of access to phase current measurements
which restricts possibilities for research.

Therefore, to support research on combined winding bearingless motors we
developed a custom multiphase motor drive solution. This custom design
integrates the controller, sensor interface, and power electronics into a single
system to facilitate research on multiphase machines. By doing that we are
able to simplify the previously used architecture by combining the functions
of the controllers and the power electronics into a single flexible prototyping
platform.

3.2 Multiphase Motor Drive Platform

3.2.1 System Overview

Figure 3.6 presents the overall system architecture of the proposed design.
The system consists of a printed circuit board (PCB) assembly and an em-
bedded controller (sbRIO-9627, National Instruments) that together form
a reconfigurable motor drive platform for multiphase motor research. The
PCB is laid out as shown in Figure 3.7. The design implements a multi-
phase half-bridge inverter topology consisting of 12-phase modules connected
across a common DC bus. The high and low-voltage power supplies module
provide filtered and regulated power to the isolated high and low-voltage sec-
tions of the board respectively. The DC-link voltage sense module monitors
the DC-bus voltage protection purposes. The system additionally interfaces
with external motion sensors enabling feedback motion control.

3.2.2 FPGA-Based Controller

Controlling the multiphase windings of a bearingless motor requires the si-
multaneous execution of multiple tasks with precise temporal control. These
tasks include 1) sampling and filtering phase current, DC-link voltage, and
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Figure 3.6: System overview.
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Figure 3.7: CAD rendering of motor drive platform.
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motion sensor data, 2) implementing computationally intensive control al-
gorithms, and 3) generating high-frequency PWM control signals for power
switches. The FPGA embedded within the sbRIO controller enables this
level of control, providing high processing speeds, true parallel capabilities,
and temporal determinism.

The sbRIO interfaces with the inverter board via a high-density connec-
tor (SEAM-40-03.0-S-06-2-A-K-TR, Samtec). In addition to having pins
dedicated for power and ground, the connector provides direct access to
the FPGA digital I/O lines for transmitting control and clock signals and
receiving digital data. To ensure signal integrity, high-speed PCB design
techniques were employed due to the short rise times of these signals.

The sbRIO offers a total of 96 digital I/O pins, of which 90 are being used
for the following functions

1. 12 Phase Modules: 60 pins total (5 per phase module)

• 2 output pins for complementary PWM signals

• 1 input pin for phase current data

• 1 output pin for modulator clock signal (20 MHz)

• 1 output pin for DC/DC converter clock signal (16 MHz)

2. DC Link Voltage Sense Module: 2 pins

• 1 input pin for DC link voltage data

• 1 output pin for modulator clock signal

3. Precharge and Discharge Modules: 4 pins

• 1 output pin for main MOSFET control signal

• 1 output pin for precharge MOSFET control signal

• 1 output pin for discharge MOSFET control signal

• 1 input pin for e-stop status signal

4. Radial Position Sensors Interface: 24 pins total (6 pins per sensor)

• 4 pins for SPI bus

• 1 output pin for reference clock signal

• 1 pin reserved for potential future use
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Additionally, 6 analog input pins are used for interfacing with Hall effect
sensors used for rotor angle estimation.

The sbRIO controller incorporates a real-time processor and an FPGA both
of which can be programmed using an intuitive graphical programming lan-
guage (LabVIEW). Time-critical tasks running at high loop rates are imple-
mented on the FPGA to ensure reliable and deterministic execution. Low-
priority tasks running at lower sampling rates such as data acquisition, and
user interface are offloaded to the real-time processor to free up FPGA re-
sources.

3.2.3 Power Distribution and Conversion

As shown in Figure 3.7, the board is partitioned into two sections separated
by an isolation barrier. The low-voltage section positioned inside the barrier
houses the controller and sensing peripherals for interfacing with external
motion sensors. The high-voltage section, located outside the isolation bar-
rier, contains the DC link filter stage and the power electronics. This barrier
serves as a safety mechanism by isolating parts of the system that operate
on different common-mode voltage levels to protect lower-voltage compo-
nents from potential damage. It also helps improve immunity against noise
sources like ground loops and switching transients from motor control cir-
cuitry which may cause errors in data communication. The isolation barrier
is made possible through the use of components with on-chip digital isola-
tion. These components require two separate supplies on either side of the
barrier to power the isolated circuitry within the IC.

Low Voltage Supplies Module

The low-voltage side of the board accepts an external 10-30V input (Vs) used
for powering the sbRIO controller. A common mode choke and a transient
voltage suppressor are connected to the voltage rails as per the guidelines
outlined in the controller datasheet. The sbRIO device filters and regulates
the supplied power and provides 5V and 3.3V for powering digital devices
on the low-voltage side of the board. An LDO regulator (UA78M05, Texas
Instruments) is used to generate a separate analog 5-V rail from Vs. Another
LDO regulator (TPS70933, Texas Instruments) is used to generate a 3.3-V
rail from the 5-V rail. These derived voltage rails are used to provide power
to angular and radial position sensors external to the board. A schematic
of the low voltage supplies module is presented in Figure 3.8.
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Figure 3.8: Low voltage supplies schematic.

High Voltage Supplies Module

The high-voltage side of the board features a primary high-voltage rail sup-
plied by an external DC voltage source, providing a variable DC bus volt-
age for the inverter DC-link stage. An input filter connects to the high-
voltage rails serving two primary purposes. Firstly, it helps supply the
high-frequency components present in the discontinuous DC link current,
thereby smoothing out the current draw from the power source. Secondly,
the filter helps stiffen the DC bus voltage by minimizing voltage fluctuations
caused by transient load changes and PWM switching actions.

In order to prevent large inrush currents when charging the downstream DC
bus capacitors during startup a precharge circuit is used. This circuit plays
a critical role in high-voltage systems by preventing premature tripping of
any protection devices and thereby extending the lifetime of the system. A
discharge circuit is also used to safely discharge the energy built up in the
capacitor allowing for a controlled shutdown procedure.

Additionally, a 5.4-V isolated DC-DC converter (R05CT05S-R, Recom) sup-
plies power to an LDO regulator (LP5912, Texas Instruments), generating
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Figure 3.9: Input EMI filter topology.

an auxiliary 5-V rail with reference to the DC-link ground. This rail is uti-
lized to power the digital isolators and gate drives of the half-bridge power
stages, as well as an isolated delta-sigma modulator (AMC1306M25, Texas
Instruments) employed for measuring the DC link voltage. The combination
of the DC/DC converter and the LDO is replicated twice to meet the power
demands of 12 digital isolators and 12 half-bridge power stages, with each
instance providing power to half of these components.

Input Filter The input filter topology is presented in Figure 3.9. The
filter consists of two stages designed to filter high-frequency differential mode
and common mode currents respectively. Differential mode currents flow in
opposite directions in the forward and return paths of the power supply
and are responsible for power transfer. On the other hand, common mode
currents flow in the same direction in both paths. These are unwanted
currents that arise due to the rapid switching actions of the power electronic
switches and flow through parasitic capacitances within the circuit. The
presence of these currents may lead to electromagnetic interference issues
with neighboring circuits and should be attenuated.

To suppress these undesired common mode currents, a common mode choke
Lcm (7448042001, Wurth Elektronik) is used. This component presents high
impedance to common mode currents, attenuating them, while allowing dif-
ferential mode currents to pass through unaffected. The common mode
choke has a 20 A current rating and a low DC resistance of 2.4 mΩ for low
power dissipation during operation.
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Suppression of the high-frequency differential mode current components is
achieved using a second-order LC low-pass filter with a parallel damping
branch consisting of a series RC network. The purpose of the parallel damp-
ing branch is to suppress the resonance and limit the peak output impedance
of the filter in compliance with the Middlebrook stability criterion [19].

The filter capacitance Cf is comprised of the bulk DC link capacitors. This
component plays a crucial role in providing a low-impedance path for con-
ducting the high-frequency components present in the discontinuous DC
link current. As such, these components must be rated to withstand the
ripple current demands of the inverter. Attempts at arriving at analytical
expressions describing the ripple currents of a switching inverter are pre-
sented in [41]. However, that approach is not practical and gets increasingly
more complex for multiphase systems. As such we adopted a simulation-
based approach where we used MATLAB to simulate the DC link current of
a multiphase inverter in order to estimate the ripple current requirements
needed for sizing the capacitors accordingly. The DC link current of an in-
verter is computed as the dot product of the phase current vector and the
switching state vector as

Idc = [i1 . . . i12]
T · [S1 . . . S12]

T

where the switching state Sk of phase leg k is either 1 or 0 when the high-side
switch is on or off respectively. The switching states are generated using a
sinusoidal pulse width modulation technique. This entails comparing a set
of multiphase sinusoidal reference signals with a high-frequency triangular
wave ranging between -1 and 1. The amplitude of the reference signals
is known as the duty cycle d which refers to the ratio between the phase
voltage amplitude V0 and half the available DC link voltage Vdc. Assuming
a balanced load the corresponding multiphase sinusoidal phase voltages and
currents are given as

vk = V0 cos

(
ωet−

2πk

n

)
= d

Vdc

2
cos

(
ωet−

2πk

n

)
ik = I0 cos

(
ωet−

2πk

n
− ϕ

)
where I0 and ωe are the phase current’s amplitude and frequency respec-
tively, and ϕ is the phase difference between the phase voltage and current
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Figure 3.10: Simulated DC link current for 12-phase inverter.

waveforms.

Carrying out this procedure in MATLAB, an example plot of the DC link
current for a 12-phase inverter is presented in Figure 3.10. This plot demon-
strates the highly complex nature of the DC link current and the need for a
simulation-based approach for its estimation.

Assuming the capacitor conducts the AC portion of this current we can
arrive at a worst-case ripple current rating for selecting the capacitors. As-
suming operation under fully loaded conditions where I0 = Imax =10 A,
we can plot the RMS ripple currents for varying duty cycles and phase dif-
ferences. This plot is presented in Figure 3.11. The worst-case conditions
occur at a phase difference of ϕ = π/2 and a duty cycle of approximately
0.55 where the capacitors can conduct up to 17 A. Therefore, our DC link
capacitors must be able to withstand that.

Another important consideration in the selection of the capacitor is the
allowable DC link voltage ripple during operation. Reference [79] proposes
a simple guideline for sizing the DC link capacitance for a worst-case scenario
that exhibits the highest peak-to-peak voltage ripple ∆vmax

pp as
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Figure 3.11: Simulated RMS ripple current for 12-phase inverter.

Cf ≥ I0
4∆vmax

pp fpwm

Evaluating this expression for the maximum load current condition of 1
0A, a target PWM frequency of 20 kHz, and a maximum allowable voltage
ripple of 0.5 V yields a lower bound of 250 µF for the DC link capacitance.
It is important to note that this expression was derived for a three-phase
inverter, but the analysis was extended to more phases in later publications
from the same authors [77, 78]. Their findings indicated that increasing the
number of phases decreases the size of the voltage ripple, suggesting that
the calculated minimum capacitance is slightly oversized and safe.

Another important criterion in the selection of the capacitor is its voltage
rating. In addition to being able to support the maximum voltage rating
of the power switches, the capacitor must be able to withstand any voltage
surges arising from transient load changes that cause energy to flow back into
the DC bus. This is particularly important during flux weakening operation,
where the occurrence of a fault results in a scenario in which the back emf
of the motor exceeds the DC bus voltage causing energy to flow back into
the capacitors.

53



3.2. Multiphase Motor Drive Platform

The final capacitance of Cf = 360 µF was realized using 4 identical film
capacitors in parallel (C4AQLBW5900A3OK, Kemet). Each capacitor has
a voltage rating of 500 V and a ripple current rating of 35 ARMS. Film
capacitors are used for their high ripple current ratings, high voltage rat-
ings, low parasitics, and long lifetimes. Although film capacitors are more
expensive and have a lower capacitance per unit volume (energy density)
than the more widely accepted aluminum electrolytic capacitors on a part-
by-part basis, using them in a capacitor bank to meet the high ripple current
demands of inverters results in designs that are overall smaller, lighter, and
more cost-efficient. That said, exclusively relying on a single technology
often leads to oversized and suboptimal designs. For instance, capacitor
banks consisting of only film capacitors are usually well within the ripple
current requirement while marginally satisfying the ripple voltage require-
ment, while the opposite is true for electrolytic capacitor banks. To address
this, hybrid capacitor bank designs that combine the advantages of both
technologies can be considered.

Having selected the capacitance Cf , the inductance Lf = 200 µH was cho-
sen to realize a filter with an approximate -3dB bandwidth of 1400 rad/s,
providing 60dB of attenuation of the current harmonics at the target PWM
switching frequency (20 kHz). The total inductance is distributed evenly on
the forward and return paths as shown in Figure 3.9. This is done to main-
tain balance between the two lines which aids in the attenuation of common
mode noise. The individual inductors (74437529203101, Wurth Elektronik)
have an inductance of 100 µH, a DC resistance of 22.9 mΩ and a maximum
current rating of 11.2 A.

The parallel branch consists of the series combination of a damping resistor
Rb and a large blocking capacitor Cb. The damping resistor serves to limit
the peak output impedance of the filter at the cutoff frequency, while the
blocking capacitor prevents DC currents from flowing through the damping
resistor to prevent power dissipation in the resistor. The components of
the parallel damping branch are selected according to the design procedure
outlined in Chapter 10 of [19].

The Middlebrook stability criterion states that the output impedance of the
input filter Zo(jω) should be less than the input impedance of the switching
converter. Assuming the inverter has the same input impedance character-
istic as a buck converter, this condition can be expressed as follows
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Zo(jω) <
Rs

d2

where Rs is the winding resistance and d is the duty cycle ratio. It is
important to note that there is some uncertainty regarding the validity of
this assumption, which may necessitate further investigation and potential
revision.

Using the measured phase winding resistance of 0.4 Ω and a worst-case
scenario where d = 1 sets our maximum possible output impedance as 0.4
Ω. Aiming for a maximum filter output impedance of ||Zo||∞ = 0.3 Ω the
ratio between the capacitors n = Cb/Cf can be computed as

n =
Lf

Cf ||Zo||2∞

(
1 +

√
1 + 4

Cf ||Zo||2∞
Lf

)
= 18.3

The blocking capacitor Cb is therefore required to have a value of
nCf = 6.6 mF. Finally, the damping resistance Rb can be computed as

Rb =

√
Lf

Cf

√
(2 + n)(4 + 3n)

2n2(4 + n)
= 0.244Ω

The final damping resistor (CSRL3-0R2F8, Riedon) and blocking capacitor
(SLPX682M100H9P3, Cornell Dubilier Electronics) were chosen as Rb = 200
mΩ and Cb = 6.8 mF. An aluminum electrolytic capacitor was used owing
to its large capacitance per unit volume and its relatively high equivalent
series resistance (39 mΩ) which contributes to the overall damping resistance
value. This parallel branch conducts minimal currents during operation and
thus the power rating of the resistor and the ripple current rating of the
capacitor were less critical during selection.

The final filter schematic is presented in Figure 3.12. LTspice circuit sim-
ulations were used to validate the performance of the finalized filter. The
simulation setup is shown in Figure 3.13. The current source denoted as I1
in the figure represents the DC link current and is modeled using the phase
leg switching functions, identical to the approach carried out in MATLAB.
Moreover, the simulation accounted for the effects of component parasitics
on the high-frequency performance of the filter to ensure the filter performs
as intended in practice.
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Figure 3.12: Input EMI filter circuit schematic.

Figure 3.13: Input filter circuit LTspice simulation setup.
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Precharge and Discharge Modules The precharge circuit is presented
in Figure 3.14. It consists of two parallel paths feeding the inverter: a main
path and a precharge path. Both paths contain power MOSFETs acting as
switches. The precharge path additionally contains a positive temperature
coefficient (PTC) thermistor which acts as a current-limiting resistor that
slows down the rate at which the capacitors charge during the precharge
procedure. The precharge path is bypassed during normal operation. The
key selection criteria for choosing the power MOSFETs are their voltage and
current ratings and their drain-source on-resistance (Rdson). The main path
MOSFET (XPW6R30ANB, Toshiba), responsible for conducting the power
supply currents during normal operation, is rated for 100V and 45A and
features a low (Rdson of 5 mΩ enabling efficient operation with low power
dissipation. The precharge MOSFET (STD11N60DM2, STMicroelectron-
ics) is only on for short durations of time making efficiency less critical in
its selection.

The discharge path uses a bank of resistors with a dual depletion type MOS-
FET (IXTA3N50D2, IXYS) configuration for redundancy. That way if a
single MOSFET fails shorting the source to the drain the second MOSFET
maintains an open circuit to prevent unwanted discharge and power dissi-
pation. The resistor power bank consists of 6 parallel 45 W, 200 Ω resistors
(TKH45P200RFE-TR, Ohmite), and is capable of safely dissipating 100 W.
The discharge circuit is presented in Figure 3.15. The potential use of the
resistor power bank to dissipate regenerative energy during motor decel-
eration or braking has not been investigated but is worth consideration for
preventing the DC bus voltage from reaching excessive levels and potentially
causing overvoltage fault scenarios.

The operation of the precharge and discharge circuits is controlled via con-
trol signals from the FPGA. The signals are routed across the isolation bar-
rier using photovoltaic MOSFET drivers (APV2111V, Panasonic). Since the
digital I/O of the FPGA does not supply enough current to power the MOS-
FET drivers, additional small signal MOSFETs (2N7002ET1G, onsemi) are
used for that purpose. The drains of the small signal MOSFETs are supplied
by the digital 3.3V rail established by the sbRIO via an E-Stop button with
normally closed contacts. The status of the E-Stop button is monitored by
the controller. In the case of an emergency, the normally closed contacts
open cutting off power to the small signal MOSFETs. This loss of power
causes both the main and precharge paths to open and initiates a shutdown
sequence.
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Figure 3.14: Precharge circuit.

The operation of the precharge and discharge circuits during startup and
shutdown is outlined as follows:

• When the system is unpowered the depletion-type discharge MOS-
FETs are in a normally closed state which discharges any residual
voltage in the DC bus capacitors.

• Upon starting up the depletion type MOSFETs are opened and the
precharge MOSFET is closed while the main MOSFET are kept in an
open state.

• After the DC Bus capacitors are charged up to DC link voltage, the
precharge MOSFET is opened shortly followed by the closing of the
main MOSFET bypassing the precharge path.

• Upon shutdown the precharge MOSFET is opened and the discharge
MOSFETs are returned to the normally closed state to discharge the
bus capacitors through the resistor bank.
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Figure 3.15: Discharge circuit.
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Figure 3.16: Phase module schematic.

Phase Module

The phase module combines all the necessary components to form a sin-
gle phase of the half-bridge inverter and to monitor the current through
that phase for control and protection purposes. An integrated 80-V, 10-A
GaN half-bridge power stage (LMG5200, Texas Instruments) is used as the
primary building block for this module. The choice of GaN-based power
devices was motivated by their recent commercial availability and distinct
advantages over traditional silicon-based alternatives.

Within each phase module, key components include the GaN power stage,
a 25 mΩ, 0.1% tolerance, 2 W, current shunt (FCSL64R025DER, Ohmite),
a 2-channel digital isolator (IL 711-3E, NVE Corp), a second-order iso-
lated delta-sigma modulator (AMC1306M25, Texas Instruments), an iso-
lated 5.4-V DC-DC converter (R05CT05S-R, Recom), and a 5-V LDO reg-
ulator (LP5912, Texas Instruments). A schematic of the phase module and
the corresponding PCB layout are presented in Figures 3.16 and 3.17 re-
spectively.

Wide bandgap semiconductor devices such as GaN transistors are capable of
very high switching speeds resulting in reduced switching losses and higher
overall efficiencies and power densities than traditional silicon FETs which
typically require large heatsinks to dissipate excess heat [42]. However, the
very fast slew rates of GaN devices (up to 50 V/ns) present a number of
engineering challenges concerning circuit layout and electromagnetic com-
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Figure 3.17: Phase module PCB layout.

patibility (EMC) that make this technology difficult to adopt and work
with. The LMG5200 helps mitigate these challenges by encapsulating the
GaNFETs along with all the necessary gate drive electronics in a single
optimized package that simplifies layout design. The LMG5200 features a
built-in bootstrap circuit to generate the high-side bias voltage needed for
driving the high-side FETs. It additionally incorporates a number of protec-
tion features such as an under-voltage lockout feature that ignores the input
PWM signals when the voltage of the gate drive supply rails falls below a
certain threshold. Further details can be found in the product data sheet.

The 2-channel digital isolator transmits the PWM signals across the isola-
tion barrier to the high and low-side gate drive circuits contained within
the half-bridge power stage. The complementary PWM signals are low-
pass filtered using a passive RC network to reject high-frequency noise and
avoid the possibility of false switching. The traces for these signals are also
carefully length-matched in the PCB layout to ensure signal timing consis-
tency and minimize propagation delay differences (i.e., skew) between the
complementary signals.

In order to prevent the possibility of shoot-through, a dead time is intro-
duced by delaying the rising edge of the PWM signals. Minimizing this dead
time is particularly important for GaNFETs to minimize third-quadrant
conduction losses which are comparatively higher than traditional silicon-
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based FETs [71]. The deadtime resolution is dictated by the top-level PWM
timer clock which is 100 MHz in our implementation resulting in a deadtime
resolution of 10 ns. A dead time of 30 ns is used throughout our testing.
This is sufficient to account for the maximum reported channel-to-channel
skew (3 ns) of the digital isolator and the maximum propagation delay mis-
match (8 ns) between the complementary PWM signals reported in the GaN
power stage datasheet. Additionally, the digital isolators have a default low
state to prevent shoot-through in the event of a component failure.

The isolated delta-sigma modulator is used to sense the phase currents by
sampling the voltage across the 25 mΩ inline shunt resistor at a rate set by
the externally provided reference clock signal (20 MHz). The output of the
modulator is sent back to the controller where it is processed and used for
feedback.

A resistance of 25 mΩ is chosen to ensure that at the nominal current op-
erating range (±10 A), the input voltage measured across the resistor lies
within the linear operating range of the modulator (±250 mV). The resistor
is additionally rated to safely withstand thermal dissipation losses during
peak current conditions (I2R < 3 W). Due to the small value of resistance
(on the order of PCB trace resistances), a four-wire Kelvin connection is
used to bypass the resistance of the current-carrying traces to minimize its
effect on the current measurement.

An anti-aliasing filter is placed on the input terminals of the modulator
to restrict the bandwidth of the input signal prior to sampling. The filter
consists of passive components forming a low pass filter with an approximate
cutoff frequency of 3.6 MHz.

In order to measure the differential voltage across the resistor while reject-
ing the common mode component, the isolated modulator is supplied by a
floating 5 V rail which rides on the common mode voltage between the resis-
tor terminals. To accomplish this, the isolated DC-DC converter generates
a 5.4 V rail referenced to the half-bridge power stage output switch node.
This floating 5.4 V rail is fed to an LP5912 LDO regulator which generates
a low-noise floating 5 V reference used to power the high-voltage side of the
isolated modulator.

The output switch node of the half-bridge power stage switches between Vdc

and 0 V at a maximum slew rate of 50 V/ns and at a frequency set by the
PWM switching rate. The high dv/dt transients of the floating reference
bring about concerns regarding stresses on the isolation barrier of the dc/dc
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converter and modulator. As such an important parameter in the selection
of these components is their common mode transient immunity (CMTI)
rating. This rating signifies the maximum tolerable rate of rise or fall of the
common mode voltage applied between two isolated circuits. The isolated
dc/dc converter and the isolated modulator both have a CMTI rating of 100
V/ns to withstand the 50 V/ns slew rates of the switch node.

We also investigated the possibility of using the bootstrap rails of the half-
bridge power stage as the floating reference for the isolated modulator. How-
ever, concerns regarding its potential effects on the bootstrap operation
discouraged us from pursuing this idea further. In future board revisions,
reconsidering this idea could lead to reduced hardware complexity by elimi-
nating the need for dedicated components to establish the floating reference.
This change would result in substantial cost and footprint savings.

The phase module is replicated 12 times across the board. In order to
address a concern we had during the design stage regarding beat frequen-
cies resulting from slight variations in the switching frequencies of different
DC/DC converters across different phase modules, we selected a DC/DC
converter with a synchronization capability. Multiple converters can be
synchronized using an external clock reference signal from the controller.
This overrides the converter’s internal oscillator and enables synchroniza-
tion. However, during testing, this issue did not arise, likely because the
converter outputs are isolated from one another. As a result, 12 digital pins
reserved for the synchronizing clock signals are currently unused, and in
future board revisions, these pins could be allocated for other purposes.

3.2.4 Sensing System

Effective control of bearingless motors relies on precise measurements of dif-
ferent quantities, including the currents flowing through the motor windings
and the radial and angular positions of the rotor. To accomplish this, a
shunt resistor coupled with an isolated delta-sigma modulator is used to
precisely measure the motor phase currents. Additionally, the board pro-
vides connectors for interfacing with external radial and rotational position
sensors, enabling feedback motion control. Furthermore, to monitor the DC
bus voltage level and safeguard against fluctuations, our system incorporates
DC link voltage sensing.
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Inline Phase Current Sensing

Accurate phase current information is crucial for achieving good motor drive
performance and protection. The two most common measurement methods
for isolated current sensing are either using a shunt resistor or a Hall-effect
sensor. The latter provides inherent galvanic isolation and a higher current
measurement range but suffers from nonlinearity over that wide range and
is more susceptible to external noise and temperature-induced drift as com-
pared to the shunt resistor approach [39]. The main drawback of the shunt
resistor approach is the thermal dissipation and power loss which can distort
the measurements at higher currents. However, the isolated modulator has
a small input range of ±250 mV which allows the selection of a small valued
resistor with minimal thermal dissipation without having to compromise the
resolution and dynamic range of the measurement. All these factors make
the shunt resistor approach the optimal choice for a relatively low-power
multi-phase inverter with a limited current range (±10 A).

Inline phase current sensing is achieved by inserting the shunt resistor be-
tween the output switch node of the half-bridge power stage and the ter-
minals of the motor. This inline measurement approach is favorable as it
outputs a continuous signal that is directly proportional to the phase cur-
rent. On the other hand, measuring current in other locations, such as the
low side of each phase, requires additional processing to produce meaningful
phase current data needed for feedback control.

The isolated sigma-delta modulator (AMC1306M25, Texas Instruments)
oversamples the voltage across the shunt resistor at a rate set by the ex-
ternally provided reference clock signal (fs = 20 MHz) and synchronously
generates a bitstream whose temporal distribution is correlated with the
measured input. The high-frequency bitstream is routed to the FPGA where
a digital decimation filter is used to reconstruct the measured voltage signal.

The combination of the sigma-delta modulator and the digital decimation
filter is referred to as a sigma-delta ADC. This architecture is particularly
advantageous for performing isolated current measurements in multiphase
systems as we are able to achieve true simultaneous sampling of all phase
currents using relatively cheap digital I/O without the need for expensive
multi-channel simultaneous analog input modules. Additionally, this archi-
tecture performs the functions of an amplifier and an ADC while transferring
the processing stage to the digital domain. This offers improved flexibility
and precise temporal control which is useful for prototyping. However, it
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Figure 3.18: SINC3 filter impulse response M = 32.

should be noted that compared to the more commonly known successive-
approximation-register (SAR) ADCs, sigma-delta ADCs exhibit a latency
equal to half of the digital filter impulse response length.

A digital filter that is commonly used in conjunction with the second-order
sigma-delta modulator is the SINC3 filter where the superscript refers to the
order of the filter. The filter gets its name from its frequency response which
resembles a sinc function. This filter has the following transfer function

H(z) =

(
1

M
· 1 − z−M

1 − z−1

)3

(3.1)

where M is the downsampling or decimation ratio between the modula-
tor sampling frequency (fs = 20 MHz) and the desired output data rate.
Although not immediately obvious, this is an FIR filter with an impulse
response length of L = 3M −2. The impulse response of a SINC3 filter with
a decimation ration of M = 32 is presented in Figure 3.18. This filter can
be implemented in software using a linear convolution sum followed by a
downsampling stage by carrying out the following difference equation

y[k] =

3M−1∑
n=0

h[n] x[k − n]

where x[·] is the modulator output data bitstream, h[n] are the filter coef-
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Figure 3.19: SINC3 filter topology [27].

ficients, and y[k] is the decimated output. The effective resolution of the
output y[k] is dependent on the filter’s impulse response length and thus on
the decimation ratio. A high decimation ratio results in a high-resolution
measurement at the expense of a higher latency.

Alternatively, the filter can more simply be realized as a cascaded network
of three integrators and three differentiators as interpreted by the filter’s
transfer function. This is also known as a cascaded integrator comb (CIC)
filter and can be efficiently implemented without multipliers, utilizing only
adders and subtractors. The integrators are running at the modulator sam-
pling rate fs. The output of the integration stage is then downsampled by a
factor equal to the decimation ratio M and fed to the cascaded differentia-
tors. In doing so the filter converts the over sampled 1-bit modulator data
stream into a higher resolution digital word at a lower data rate (fs/M).
The filter structure is presented in Figure 3.19.

The phase current in a load driven by a PWM inverter features a switching-
induced ripple. The presence of this ripple component in the measured
current is undesirable as it may degrade the performance of the closed-
loop current regulation. A widely accepted technique to reject this PWM
switching-induced component while retaining the fundamental component
of the current is the synchronized sampling method [20, 70]. This method
works by synchronizing the current sampling instant with the midpoint of
the zero voltage vector. In a triangle-comparison PWM scheme, this corre-
sponds to the peaks and valleys of the triangle carrier waveform. Doing so
not only ensures that the current is being sampled at a point that is repre-
sentative of its average over the switching period but also occurs at a point
where the phase winding terminals are at the same potential, either zero or
Vdc. This prevents abrupt transitions in the phase voltage from distorting
the measurement.

This method works well for an ideal sample and hold ADC where we have
precise control of the sampling instant. With a sigma-delta ADC, we can
attempt to replicate this synchronized sampling performance by carefully
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Figure 3.20: Intermittent SINC3 filter operation.

operating the digital decimation filter in an intermittent manner to maintain
synchronization with the inverter switching frequency. This operation is
illustrated in Figure 3.20.

The filter is configured to only run for 3 decimation cycles (i.e. the filter’s
settling time or the length of its impulse response) around peaks and valleys
of the triangle carrier waveform. This theoretically eliminates the switching
harmonics from the measured current while retaining the average component
needed to implement feedback control. The measurements are obtained
twice per PWM period to extend the maximum achievable current control
bandwidth. The effective resolution of the current measurement depends on
the length of the filter’s impulse response which is computed as L = 3M −2
where the decimation ratio M is computed from the PWM frequency fpwm

such that M = floor (20MHz/(2fpwm)/3) to fit the filter’s impulse response
within a half PWM period. For instance, a 20 kHz PWM frequency results in
an impulse response length of L = 496 and an ideal ENOB of approximately
16. Doubling the PWM frequency reduces the resolution by 2.5 bits.
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The effectiveness of this approach in rejecting the PWM ripple is highlighted
in Figure 3.21. The figure presents a comparison between two filter imple-
mentations: a continuously running filter that is not synchronized to the
inverter switching frequency, and the intermittent implementation described
earlier. The test was conducted with a 5 kHz PWM switching frequency, re-
sulting in an impulse response length of L = 1996 for the intermittent filter
implementation. The continuously running filter is configured with the same
impulse response length for a fair comparison. The intermittent implemen-
tation provides a new current measurement at twice the PWM switching
rate (10 kHz) while the continuous implementation does so at the filter’s
decimation rate i.e. 20 MHz/M ≈ 30 kHz. Both current measurements
were sampled in an acquisition loop running at 40 kHz to accommodate the
different throughput rates of the two implementations. The results clearly
show that the intermittent operation significantly reduces the noise levels in
the measurement, effectively suppressing the PWM switching-induced rip-
ple. However, this improvement comes at the expense of a lower throughput
rate and an inherent tradeoff between the PWM switching frequency and
measurement resolution. In contrast, the filter properties of the continuous
implementation can be set independently of the switching frequency.

DC-Link Voltage Sensing

Feedback of the DC-link voltage is necessary to ensure that it remains within
acceptable tolerances and to protect against overvoltage and undervoltage
conditions. A high-impedance voltage divider network consisting of a series
combination of resistors gradually scales down the DC-link voltage to fall
within the input voltage range of the isolated delta-sigma modulator. The
voltage divider is constructed using a single 309 Ω and two 49.9 kΩ 0.1%
tolerance resistors. These values are chosen to ensure that at the maximum
DC bus voltage condition of 80V the input voltage measured across the
309 Ω sense resistor lies within the linear operating range of the modulator
±250 mV. The same antialiasing filter used with the modulators in the phase
module is used to limit the bandwidth of the measured signal. To compen-
sate for offset errors introduced by input bias current, an additional 309 Ω
resistor is placed at the negative input terminal of the modulator, as recom-
mended by the modulator datasheet. The scaled voltage is sampled using
the isolated sigma-delta modulator and converted into a high-frequency se-
rial bitstream. The output data bitstream is fed back to the FPGA where
an identical SINC3 filter reconstructs the sampled signal. The schematic of
the DC link voltage sensing circuit is presented in Figure 3.22. Figure 3.23
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Figure 3.21: Current measurement comparison between continuous and in-
termittent implementations of the SINC3 filter.
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Figure 3.22: DC link voltage sensing schematic.

shows a sample voltage measurement during the precharge routine with a
DC bus voltage of 30V.

Motion Sensing

Real-time sensing of the rotor’s angular and radial position is achieved us-
ing linear Hall effect sensors and digital eddy current sensors respectively.
Identical position sensing schemes are used in [52, 72]. The sensor arrange-
ment from [52] is presented in Figure 3.24. Here hi denotes a Hall effect
sensor and ci denotes a sensing coil used in conjunction with an inductance
to digital converter to measure the radial position of the rotor. Although the
presented schematic is for a different stator configuration, the same sensing
principles still apply. Further details regarding the motion sensing scheme
can be found in the referenced works.

Radial Position Sensing The x-y radial position measurements of the
rotor are acquired using a digital eddy current sensing scheme. This is
realized using a programmable inductance to digital converter (LDC1101,
Texas Instruments) in conjunction with a sensing coil (WR111180-36F5-B1,
TDK).

The LDC chip regulates and maintains the oscillations of an LC oscillator
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Figure 3.23: DC link voltage measurement during the precharge routine.

(a) Schematic [52] (b) Disassembled view

Figure 3.24: Sensor arrangement layout.
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while measuring its resonant frequency by comparing it to an externally
provided reference clock. The LC oscillator consists of the sensing coil in
parallel with a chip capacitor whose value was selected in accordance with
recommended guidelines in the LDC datasheet. As the rotor moves towards
the sensing coil eddy currents are induced on the surface of the rotor. The
eddy currents generate their own alternating magnetic field which opposes
that of the sensing coil and thereby reduces its net inductance. The shift in
inductance alters the resonant frequency of the LC oscillator as a function
of the rotor’s distance. The LDC converts this measured resonant frequency
into a high-resolution digital word and communicates the information back
to the controller via a 4-wire SPI protocol at a user-programmable sampling
rate. The effective resolution of the frequency measurement is dependent on
the chosen sampling rate. A higher sampling rate decreases the resolution of
the frequency measurement and consequently the radial position measure-
ment but allows for a higher achievable motion control bandwidth. A 5 kHz
sampling rate is used throughout testing.

A total of 4 LDCs and sensing coils are used to measure the radial displace-
ment of the rotor along orthogonal axes. The placement of the sensing coils
is illustrated in Figure 3.24. Each LDC is assembled onto a dedicated PCB,
shown in Figure 3.25, containing all the necessary passive components and
connectors required for operation. The sensor PCB directly connects to the
inverter board via a multipin connector which routes power and data lines to
and from the board. It also features a breakout connector to interface with
the sensing coils. The sensing coils are affixed to a 3D-printed mounting
piece concentrically positioned to the stator structure using fasteners.

The SPI protocol is programmed in the FPGA. A single master single slave
configuration is duplicated for all four LDCs for a simple and convenient
implementation. The data from all four LDCs is processed on the FPGA to
generate the x and y signals required for levitation control. Data from dia-
metrically opposing sensing coils are subtracted from each other to improve
the sensitivity and extend the linear range of the measurement. An offset is
introduced to the x-y measurements to establish a zero reference position at
the geometric center of the stator. The offsets are obtained by recording the
averaged sensor measurements when the rotor is centered using a 3d printed
plastic shim. A detailed characterization of this sensor response is presented
in [55].

72



3.2. Multiphase Motor Drive Platform

Figure 3.25: LDC sensor board.

Angular Position Sensing The absence of a shaft in a bearingless slice
motor rules out the possibility of using conventional mechanical shaft sensors
such as encoders and resolvers for rotor angle detection. Instead, analog
linear Hall effect sensors are used for this purpose.

The air gap flux field is modulated by the rotor teeth saliencies. The result-
ing air gap field can be thought of as the superposition of a homopolar and
8-pole field component rotating synchronously with the rotor. Using a Hall
effect sensor we can detect this 8-pole component and subsequently extract
the rotor angle information.

The angle information is estimated by processing signals from 6 Hall effect
sensors (SS49E, Honeywell) distributed evenly along the perimeter of the
stator. The sensors are glued onto a 3D-printed holder which wedges in
between stator slots with the help of plastic alignment dowel pins. The
arrangement of the Hall effect sensors on a disassembled permanent magnet
array is presented in Figure 3.26. Each analog Hall effect sensor features
three connections: Vcc (5V voltage rail), GND (ground), and Vout (analog
output). The power and ground connections are sourced from the inverter
board, whereas the sensor’s analog output (Vout) is directly connected to
the analog input of the controller where they are sampled at 10kHz.

The signals from diametrically opposing sensors are summed up to cancel
out the effects of any two pole field components picked up by the sensors.
This is done to desensitize the angle measurement to disturbances induced
by the rotor radial displacements and the superimposed two-pole suspension
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Figure 3.26: Hall effect sensor arrangement.

fields ensuring a more robust and reliable estimate. The resulting signals,
assumed to be three-phase sinusoidal in nature, are then passed to a Clarke
transformation matrix transforming the signals to an equivalent two-phase
representation. The transformed signals vary in proportion to the sine and
cosine of the electrical angle. These quadrature signals are fed to the same
PLL structure discussed in Section 2.3.1 to estimate the rotor speed and
angle. Previous works [53, 72] employed a numerical derivative method for
rotor speed estimation. However, this approach encountered issues with
aliasing and a non-linear, speed-dependent calibration. The adoption of the
PLL method effectively resolves these challenges and enables closed-loop
speed control even at high operational speeds.

3.2.5 PCB Design

Maintaining the integrity of high-speed digital lines is important to ensure
repeatable and reliable performance of the motor drive. As such, careful
consideration was given to ensure good signal and power integrity. The
design and layout of the PCB were made in accordance with best practices
and guidelines outlined in [6] and [57]. The layout of the PCB excluding the
controller is repeated in Figure 3.27.

The PCB employs a 1.3 mm, 6-layer stack up with three signal layers, two
ground planes, and a single power plane. Each of the signal layers is adjacent
to a reference plane (either ground or power) to minimize loop inductance
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Figure 3.27: PCB layout.
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Figure 3.28: PCB stackup.

of the signal forward and return paths and eliminate broadside crosstalk
between traces on different signal layers. An illustration of the stack up is
presented in Figure 3.28.

Power Distribution Network

As opposed to signal layers that consist of conductive paths that primarily
carry data, the plane layers consist of continuous copper regions providing
stable reference potentials for the onboard components. The power plane
plays an important role in establishing a low-impedance power distribution
network for powering the components on the PCB while the ground planes
provide a stable reference point for the components and signals on the board,
acting as a return path for power and signal traces.

The isolation barrier marks where the individual ground and power planes
were split in order to achieve galvanic isolation between the high- and low-
voltage sides. The copper distribution within the separate ground and power
planes is presented in Figure 3.29.

Power is supplied to the low-voltage side components via a large continuous
copper pour connected to the 3.3V rails of the sbRIO. Similarly, on the high
voltage side, the drains of the high side GaNFETs are connected to the DC
link voltage rails via a separate copper pour on the power plane. The high
voltage side additionally features a 5V rail referenced to DC link ground.
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The gate driver circuits and the high voltage sides of the 2 channel digital
isolators are powered through this rail via a wide copper trace located on
the internal signal layer (layer 3).

The onboard components are effectively decoupled from the effects of para-
sitic inductances in the power distribution network by placing local decou-
pling capacitors adjacent to their power pins. The capacitors are connected
to the internal planes using multiple vias and to the devices using short and
wide traces. This is done to reduce the contributions of parasitic induc-
tances from the vias and traces. Furthermore, the power plane is adjacent
to a ground plane providing some interplane capacitance which aids in high-
frequency power decoupling in addition to the local decoupling capacitors.

Three different grounds are employed on the high-voltage side. First, a signal
ground (SGND) which acts as a ground reference for the gate driver circuits
in the power stages. Second, a power ground (PGND) which acts as a ground
reference for the DC link voltage and connects to the source terminal of the
low side FETs. The SGND and PGND are left unconnected in the board
to prevent switching noise in the PGND from shifting the ground potential
of the SGND and possibly interfering with the gate driver operation. The
two grounds are electrically connected within the half-bridge power stage
chip. Third is a floating ground reference which is electrically shorted to the
switch node of the half-bridge power stages. This floating reference is used
by the isolated modulators for measuring the voltage across an inline shunt
resistor, as discussed in Section 3.2.4. Copper underneath the switch node
was emptied to minimize its overlap with the internal plane players. This is
done to reduce parasitic capacitances on the switch node that contribute to
losses as per recommendations in the power stage datasheet.

DC link voltages exceeding 30 V were not used during testing as a safety
precaution against a switch node undervoltage concern. During the opera-
tion of the inverter, we observed negative spikes on the output switch node
of the half-bridge power stage when it transitions from +Vdc to 0 V. This
occurs as the high side switch is opened forcing the current to commutate
from the high side switch to the low side switch. These negative spikes ex-
ceed the minimum voltage rating (-5 V) specified in the product datasheet.
The main contributor to this transient negative overshoot are the parasitics
on the power commutation loop. We attempted to address this using the
layout techniques outlined earlier. However, despite these attempts the issue
was not resolved and requires further investigation.
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(a) Ground plane 1

(b) Power plane

(c) Ground plane 2

Figure 3.29: Copper distribution on plane layers.
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High-Speed PCB Routing Considerations

The low-voltage side includes an interface to the sbRIO controller board.
Signals carrying high-frequency content, as characterized by fast edge rates
(≤ 1 ns) are routed to and from the controller board on the top and inner
signal layers. The bottom layer is primarily used for routing power to the
controller board and some components on the low-voltage side.

Signals routed on the top layer include the modulator clock and data sig-
nals, the DC/DC converter synchronizing clock signals, and the LDC clock
signals. Signals routed on the inner signal layer include the complementary
PWM signals for the power stages, the precharge and discharge circuit con-
trol signals, and the SPI data bus lines. A large uninterrupted copper pour
is used for the ground plane on the low-voltage side of the board to pro-
vide a low-impedance return path for these high-speed signals. The copper
distribution within the different signal layers is presented in Figure 3.30.

To ensure the integrity of these signals, they are routed using 55 Ω character-
istic impedance traces as recommended in the sbRIO controller datasheet.
The characteristic impedance of a trace is determined by several factors,
including its width, thickness, and dielectric constant of the PCB material.
By consulting with the PCB manufacturers the dimensions of the signal
traces on different layers were determined to achieve the desired character-
istic impedance values. Additionally, the traces are spaced apart as much
as possible to minimize crosstalk between adjacent traces. Moreover, these
signals are routed on a single layer to avoid impedance variations and discon-
tinuities introduced by vias and to avoid switching reference planes which
significantly increases the loop inductance. Stitching capacitors, connect-
ing the power and ground planes, are placed in the vicinity of the controller
connector providing a low-impedance return path for signals on inner layers.
20 Ω termination resistors are placed in series with the modulator output
data lines. This is done to correct for impedance mismatches between the
characteristic impedance of the transmission line Zc = 55 Ω and the output
impedance of the driver Zo = 35 Ω to minimize signal reflections that may
distort the signal. The output impedance of the modulator is obtained from
the component IBIS model file.
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(a) Top layer

(b) Inner signal layer

(c) Bottom layer

Figure 3.30: Copper distribution on signal layers. 80



Chapter 4

Implementation and
Experimental Validation

This chapter highlights the successful validation of our design and its po-
tential for future prototyping. Details of the control scheme and its imple-
mentation are covered followed by testing results. The experimental setup
is presented in Figure 4.1. Not shown in the figure are the external power
supplies powering the board. A 1200W TDK power supply provides DC link
voltage and another power supply powers the low voltage side using 15V.

4.1 Control Scheme

The overall system control structure is presented in figure 4.2. The system
consists of a nested control structure with an inner current regulation loop
and outer motion control loops. The outer motion control loops receive
measurement signals of the rotor’s radial position and angular velocity and
generate reference current commands to actively control the rotation and
levitation of the rotor. The inner current regulation loops are used to realize
the requested current references by receiving current measurement feedback
and generating voltage reference commands which are transformed and sent
to a triangle carrier-based PWM generation block.

Such a cascaded control scheme allows us to separately design and tune the
inner and outer control loops provided that their bandwidths are sufficiently
far apart. A general rule of thumb is to select the bandwidth of the inner
loop to be at least five times higher than the bandwidth of the outer loop
[2]. This ensures that the dynamics of the inner current regulation loop are
sufficiently decoupled from the slower dynamics of the outer motion control
loop.

A synchronous notch filter is used in the feedback path of the radial posi-
tion control loop to selectively attenuate mass unbalance-induced bearing
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Figure 4.1: Testing setup.

forces allowing for smoother operation and reduced actuator control effort.
Additionally, in order to overcome limitations encountered when using the
Hall effect sensors, the observer-based sensorless control schemes covered in
Chapter 2 are used to estimate the rotor’s angular displacement and velocity
from the input voltage references and the measured currents. The estimated
signals are used in the speed control and the rotational coordinate trans-
formations. A dynamic current and voltage allocation procedure is used to
saturate the motion and current controller reference commands in a way
that prioritizes the stable operation of the safety-critical rotor suspension.
Key motor specifications used in developing and tuning the different control
strategies are summarized in table 4.1.
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Table 4.1: Relevant motor specifications.

Symbol Quantity Value

Rs Phase winding resistance 0.43 Ω
Lα1 Suspension winding α-axis inductance 1.2 mH
Lβ1 Suspension winding β-axis inductance 1.2 mH
Ld4 Rotation winding d-axis inductance 2.3 mH
Lq4 Rotation winding q-axis inductance 2.3 mH
m Rotor mass 0.12 kg
J Rotor inertia 4.8e-5 kg m2

Kx x-axis radial negative stiffness -15.2 kN/m
Ky y-axis radial negative stiffness -15.2 kN/m
Kix x-axis suspension force constant 2.88 N/A
Kiy y-axis suspension force constant 2.88 N/A
Ke Motor back EMF constant 7.175 mWb
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4.1.1 Current Control

To achieve independent control of rotation and suspension the decoupling
procedure outlined in chapter 2 is employed. This involves the use of a gen-
eralized Clarke transformation to conceptually decompose the multiphase
currents i1−12 into a pair of independent two-dimensional space vectors in
decoupled subspaces α1β1, and α4β4. Generation of the 8 and 2-pole field
components is achieved by regulating the current vector components in the
α4β4 and α1β1 subspaces, respectively. Additionally, to eliminate steady-
state errors in the rotational current regulation, a rotational transformation
is used to transform the rotating space vector in the stationary α4β4 frame
to an equivalent stationary vector expressed in the rotating d4q4 frame. The
current transformations are carried out as follows

[
iα1 iβ1 id4 iq4

]T
= [Tr] [Tc] i1−12

where Tc and Tr are matrices of dimension 4×12 and 4×4 as follows

Tc =
2

12


1 cosϕ cos 2ϕ . . . cos 2ϕ cosϕ
0 sinϕ sin 2ϕ . . . − sin 2ϕ − sinϕ
1 cos 4ϕ cos 8ϕ . . . cos 8ϕ cos 4ϕ
0 sin 4ϕ sin 8ϕ . . . − sin 8ϕ − sin 4ϕ



Tr =


1 0 0 0
0 1 0 0
0 0 cos 4θm sin 4θm
0 0 − sin 4θm cos 4θm


The matrix Tc, where ϕ = 2π/12, represents the generalized Clarke trans-
formation responsible for the decoupling of the multiphase variables into
different subspaces. Matrix Tr represents the rotational transformation ma-
trix.

A pair of two-axis PI controllers are used to regulate the 2 and 8-pole flux-
inducing current components. Tuning of the controller gains is done in
accordance with the pole-zero cancellation method. Using this method we
are able to effectively simplify the dynamics of the current control loop to
that of a first-order system with a single parameter (bandwidth) to tune.

We first examine this tuning procedure for the suspension current control
loop by expressing the corresponding open loop transfer function as
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Go(s) = Cα(s) P (s) = Kpα(1 +
Kiα

s
)

1

sLα + Rs
=

Kpα

sLα

(
s + Kiα

s + Rs/Lα

)

Here we restrict our analysis to a single axis since the dynamics of both axes
are decoupled and similar. The integral gains Ki are chosen to cancel out
the effects of the plant pole while the proportional gain Kp are tuned to
achieve the desired current control bandwidth ωbw as

Kiα = Rs/Lα Kiβ = Rs/Lβ

Kpα = 2πfbwLα = ωbwLα Kpβ = 2πfbwLβ = ωbwLβ

Utilizing these gains we can express the closed-loop transfer function as that
of a first-order system given by

Gcl(s) =
iαβ(s)

i∗αβ(s)
=

Go(s)

1 + Go(s)
=

ωbw

s + ωbw

This pole-zero cancellation scheme works well for regulating currents ex-
pressed in a stationary reference frame. However, it is not as effective when
regulating currents in a rotating frame where the plant dynamics vary with
rotation speed. This limitation is made evident when expressing the rotation
winding voltage equations using complex vector notation.

In complex vector notation, a two-dimensional vector is represented as a
complex quantity with real and imaginary parts, such as fdq = fd+jfq. This
notation allows us to simplify a multiple-input multiple-output (MIMO)
system into a single-input single-output (SISO) system that can be easily
analyzed using classical control techniques. Rewriting the rotation winding
voltage equations using complex vector notation yields

vdq = Rsidq + L
didq
dt

+ jωeLidq

taking the Laplace transform we obtain the admittance transfer function as
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idq(s)

vdq(s)
=

1

sL + jωeL + Rs

Note that the disturbance back emf term ωλpm is omitted from the voltage
equation for simplicity and the dq axes inductances are assumed to be equal
(Ld = Lq = L) as is the case with the reference motor. From this, we observe
that the plant pole varies as a function of rotation frequency, specifically as
jωe + Rs/L due to the cross-coupled speed-induced voltage terms. Failing
to compensate for this effect will lead to a degradation in the control loop
performance at high speeds. To overcome this limitation, [10] proposes the
complex vector regulator structure. This approach modifies the conventional
(PI) controller structure by introducing a compensation term that adjusts
the controller zero accordingly in response to the changing speed. This
ensures pole-zero cancellation in theory, regardless of the rotor speed. The
resulting block diagram of the complex vector regulator is depicted in Figure
4.3. Similar to the suspension current controller the gains of the rotation
current controller are tuned as

Kid = Rs/Ld Kiq = Rs/Lq

Kpd = 2πfbwLd = ωbwLd Kpq = 2πfbwLq = ωbwLq

The final transfer function matrix of the suspension and rotation current
regulators is as follows.

[
v∗α1β1

v∗d4q4

]
=

[
Cα1β1(s) 0

0 Cd4q4(s)

] [
∆iα1β1

∆id4q4

]
where the suspension current controller matrix Cα1β1(s) consists of the PI
regulators in series with a first-order low-pass filter

Cα1β1(s) =

[
Kpα (1 + Kiα/s) 0

0 Kpβ (1 + Kiβ/s)

]
ωc

s + ωc

A low pass filter with a cutoff frequency ωc is used to enhance the noise
rejection capabilities of the controller. The cutoff frequency ωc is set as
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Figure 4.3: Complex vector regulator block diagram.

3.5 times the suspension current control bandwidth (3.5 × ωbw) throughout
testing. The rotation current controller matrix is given as

Cd4q4(s) =

[
Kpd (1 + Kid/s) −Kpqωe/s

Kpdωe/s Kpq (1 + Kiq/s)

]
The PI controllers are discretized via the Tustin method at twice the PWM
switching frequency for implementation in the FPGA. Additionally, integra-
tor anti-windup is realized using a clamping method. The integral action is
halted if both of the following conditions are met 1) The controller output is
saturated and 2) the sign of the controller output matches that of the error,
i.e., the error causes the control signal to become even more saturated [2].
The second condition allows the integral action to resume if the controller is
trying to get out of saturation making the unwinding process quicker than
it would otherwise be.

The inverse generalized Clarke and rotation transformations are used to ob-
tain multiphase pole voltage reference signals [v∗1 . . . v

∗
12] expressed in the

stator fixed frame. The reference commands are compared with a high-
frequency triangular carrier wave, whose frequency equals the PWM switch-
ing frequency, to determine the switching states for the power switches in
each inverter leg. A center-aligned PWM scheme with a triangular carrier
wave is used despite having a slightly more complicated timer implemen-
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tation and half the PWM resolution of the alternative edge-aligned PWM
scheme with a sawtooth carrier wave. The center-aligned scheme was favored
primarily for its compatibility with the synchronized sampling technique for
phase current measurement. Additionally, the symmetric nature of the out-
put signal allows for lower harmonic distortions.

4.1.2 Radial Position Control

Slice motors are characterized by a small rotor axial length-to-diameter ratio.
Initially proposed in [65], these motors use reluctance forces to passively
stabilize axial and tilting motions, leaving only the inherently unstable radial
degrees of freedom (DOFs) requiring active control.

To stabilize the radial motions, lead compensators are employed. In addition
to compensating for the destabilizing negative stiffness, this controller is
designed to provide sufficient damping and disturbance rejection capabilities.
Two identical decoupled SISO controllers are used for regulating the x and
y-axis motions. The transfer functions of the discrete-time lead controllers
are given as

C(s) = Kxy
1 + Ts

1 + αTs

Tustin−−−−→ C(z) = Kxyd

z + b

z + a

Controller parameters were tuned using a model-based loop-shaping tech-
nique. Using the linearized plant model we design a lead compensator in the
continuous time domain to shape the suspension loop transfer function to
achieve an approximate gain crossover frequency of 60 Hz and a correspond-
ing phase margin of 50◦. The controller is discretized via the tustin method
at a sampling rate equal to the programmed output data rate of the radial
position sensors (5 kHz). The controller outputs a set of reference current
commands [i∗α1

i∗β1
]T in response to the rotor’s radial position tracking error.

4.1.3 Rotation Control

Two different operation modes were tested for rotation control: Closed loop
speed control and open-loop torque control.

Closed loop speed control is achieved using a discrete-time PI controller
running at a 1kHz loop rate. The controller gains were initially designed
using a model-based loop-shaping strategy and further refined using a trial-
and-error approach to improve the time domain specifications.
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The output torque reference of the speed controller is converted into a two-
dimensional current reference vector [i∗d4 i

∗
q4]

T using the MTPA control strat-
egy. For nonsalient motors such as our motor, this is simply realized by set-
ting the d4-axis current reference at zero and computing the q4-axis current
using the following torque equation

Te =
np

2
(Keiq4)

where λf is the permanent magnet flux linkage, n = 12 is the numder of
phases, and p = 4 is the number of rotor pole pairs.

It was observed that at high speeds the dynamic performance of the closed-
loop speed regulator was significantly impacted due to an insufficient voltage
margin for current regulation. Operation and testing at these high speeds
is done using open-loop torque control. In this control mode, the speed
controller is bypassed and open loop current references [i∗d4 i

∗
q4]

T are directly
fed to the rotation current control loop.

4.1.4 Current and Voltage Allocation

Contrary to bearingless motors with separated winding schemes, motors
with combined winding schemes are characterized with the ability to utilize
the entire winding slot space for both torque and radial force production.
However, to fully realize this capability, a proper current and voltage satu-
ration procedure is required to allocate the limited available resources (i.e.
DC link voltage and winding current) between the rotation and suspension
subsystems. To the best of our knowledge, studies on combined winding
machines so far do not detail this allocation procedure and thus we aim to
address this here.

In our implementation, we propose a variable/dynamic allocation procedure
that prioritizes the allocation of resources to the safety-critical suspension
and assigns the remaining to the rotation in real-time. This dynamic ap-
proach allows us to fully utilize the available resources without compromising
the stability of the levitation. In contrast, the approach taken in [72] relies
on a static allocation of resources predefined beforehand. With this conser-
vative approach, the available resources will only be fully utilized if both the
rotation and suspension systems simultaneously require all their allocated
resources. As a result, the motor’s dynamic performance may be subopti-
mal. By implementing the variable allocation procedure, we aim to achieve
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superior dynamic performance, making the most use of available resources
and enhancing the overall capabilities of the bearingless motor system.

To ensure the motor operates reliably within safe operating limits we first
establish the maximum allowable current and voltage constraints, represent-
ing the available resources for torque and radial force production.

Current Allocation

Current constraints arise from the motor winding construction. Excessive
current flowing through the motor windings generates heat which may ex-
ceed the thermal limits of the winding insulation and lead to permanent
damage. For a wire gauge of 22 AWG and an allowable current density of
10 A/mm2 the maximum phase current limit for continuous operation is
evaluated as

imax = 10
ARMS

mm2
· 0.33mm2 ·

√
2 = 4.7Apk

This translates into a constraint on the sum of the magnitudes of the sus-
pension and rotation current reference vectors expressed as

√
i∗α1

2 + i∗β1

2 +
√
i∗α4

2 + i∗β4

2 < imax

Having established this constraint, the next step is to determine how much
of this maximum allowable winding current is assigned to rotation and sus-
pension.

Instead of statically allocating a portion of the total winding current to sus-
pension and rotation, as was done in [72], we propose a dynamic allocation
that prioritizes the suspension and assigns the remaining current margin to
rotation in real-time. The suspension takes precedence in obtaining the re-
quired current for stable levitation. Once the suspension needs are fulfilled,
any remaining current is allocated to the rotation. This dynamic allocation
approach ensures the safety-critical suspension operates reliably while utiliz-
ing the available resources efficiently. The allocation procedure is illustrated
in Figure 4.4. The procedure is explained in the following steps

• The suspension controller requests some current reference vector [i∗α1
i∗β1

]T

based on the radial position tracking error
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Figure 4.4: Reference current allocation procedure. The solid black cir-
cle/line represents the maximum allowable winding current imax. The solid
orange and blue circles/lines represent the magnitude of the requested rota-
tion and suspension current vectors respectively. The dashed red circle/line
represents the remaining current margin that can be used for rotation.

• The requested current vector passes through a vector saturation block
that bounds the vector’s magnitude to ± imax. The saturation is car-
ried out as follows to preserve the orientation of the vector

i∗αβ =


i∗αβ if

√
i∗α

2 + i∗β
2 ≤ imax

i∗αβ
imax√
i∗α

2+i∗β
2

if
√
i∗α

2 + i∗β
2 > imax

• The magnitude of the bounded suspension current vector is subtracted
from the maximum allowable current imax to obtain the remaining
current margin that can be used by the rotation system

• The remaining current margin is used to bound the requested rotation
current reference vector [iα4 iβ4 ]T using the same vector saturation
procedure

Voltage Allocation

Voltage constraints in an inverter-driven load are determined by the available
DC link voltage Vdc and the chosen PWM scheme. The pole voltage reference
v∗n used to produce the switching states of inverter leg n is expressed as
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the sum of the contributions from the rotation and suspension pole voltage
components as

v∗n = v∗nr
+ v∗ns

The suspension v∗ns
and rotation pole voltage v∗nr

components are obtained
by performing the inverse generalized Clarke transformation on the rotation
and suspension voltage reference vectors respectively as

[v∗1 . . . v
∗
12]

T
s =

[
1 cosϕ cos 2ϕ . . . cos 2ϕ cosϕ
0 sinϕ sin 2ϕ . . . − sin 2ϕ − sinϕ

]T
·
[
v∗α1

v∗β1

]

[v∗1 . . . v
∗
12]

T
r =

[
1 cos 4ϕ cos 8ϕ . . . cos 8ϕ cos 4ϕ
0 sin 4ϕ sin 8ϕ . . . − sin 8ϕ − sin 4ϕ

]T
·
[
v∗α4

v∗β4

]

Following the transformations, the pole voltage components are of the fol-
lowing form

v∗ns
=
(√

v∗α1
2 + v∗β1

2
)

cos (ϕs) = ms ·
Vdc

2
cos (ϕs)

v∗nr
=
(√

v∗α4
2 + v∗β4

2
)

cos (ωet + ϕr) = mr ·
Vdc

2
cos (ωet + ϕr)

where ms and mr are the suspension and rotation modulation indices re-
spectively, ωe is the electrical frequency, and ϕs and ϕr are the phases of the
suspension and rotation pole voltage references. Using a triangle compar-
ison PWM scheme the reference pole voltage signals v∗n should not exceed
vmax = Vdc/2 to stay within the linear modulation range where the relation-
ship between the reference pole voltage and the output phase voltage or line
to neutral voltage is linear. Operation beyond that range is known as over-
modulation and entails a loss of linearity and increased harmonic distortion
of the phase output voltages. Moreover, it negatively impacts suspension
performance by distorting the requested suspension voltage vector, possibly
leading to instabilities.
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Figure 4.5: Illustration of overmodulation.

We further impose a constraint on the maximum duty cycle to allow proper
operation of the bootstrap circuit. The bootstrap circuit has inherent limi-
tations concerning the maximum duty cycle it can effectively support. When
the high-side FET remains continuously closed for an extended period, such
as in the case of a 100% duty cycle, the bootstrap capacitor discharges with-
out the opportunity to recharge, leading to a loss of gate drive voltage and
triggering the undervoltage lockout (UVLO) feature of the LMG5200. To
overcome this we avoid operation in the overmodulation region (v∗n > Vdc/2)
where the duty cycle is held at 100% when the pole voltage references are
clipped as shown in Figure 4.5.

Assuming worst-case conditions where ϕs = 0, operation in the linear mod-
ulation region translates into a constraint on the sum of the modulation
indices as 0 ≤ ms + mr ≤ 1. This can be equivalently expressed using the
magnitudes of the suspension and rotation voltage reference vectors as

√
v∗α1

2 + v∗β1

2 +
√
v∗α4

2 + v∗β4

2 < Vdc/2

Similar to the current allocation procedure, the voltage required for reg-
ulating the suspension currents is given precedence. Once the suspension
needs are fulfilled, any remaining voltage margin is allocated for regulating
the rotation currents. This voltage allocation procedure ensures there is
always some voltage margin to regulate the suspension currents and avoid
rotor touchdown at the expense of torque generation. The voltage alloca-
tion procedure is illustrated in Figure 4.6. The procedure is explained in
the following steps
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Figure 4.6: Reference voltage allocation procedure.

• The suspension current controller requests some voltage reference vec-
tor [v∗α1

v∗β1
]T based on the suspension current tracking error.

• The requested voltage vector passes through a vector saturation block
that bounds the vector’s magnitude to ±Vdc/2.

• The magnitude of the bounded suspension voltage vector is subtracted
from the maximum allowable pole voltage vmax = Vdc/2 to obtain the
remaining voltage margin that can be used by the rotation system.

• The utilization of the remaining voltage margin is improved by a factor
of 2/

√
3 by supplementing the sinusoidal rotation pole voltage refer-

ences with a zero sequence voltage component as

v∗nr
= vph + ZSV = MIr ·

Vdc

2
cos (ωet + ϕr) + ZSV

By injecting a zero sequence voltage ZSV , the fundamental component
of the rotation phase voltage vph can be increased without violating
the v∗n ≤ Vdc/2 constraint. This injected voltage is common across all
phases and has no effect on the phase and line-to-line voltages for a load
with a floating neutral point. Using a min/max zero sequence injection
technique [30] the linear modulation range of the rotation component is
extended by a maximum factor of 2/

√
3. This allows us to increase the

utilization of the available DC bus voltage, allowing for higher output
phase voltage levels. An illustration of the zero sequence injection
technique is presented in Figure 4.7. The zero sequence voltage is
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Figure 4.7: Zero sequence voltage injection.

computed from the unmodified rotation pole voltage references [v∗1−12]r
as

ZSV = −0.5
(
max

(
[v∗1−12]r

)
+ min

(
[v∗1−12]r

))
This is a general zero sequence injection procedure for a 12-phase wind-
ing with a single neutral point. The maximum improvement in DC
bus utilization is achieved for a three-phase system. As the number of
phases increases the improvement in the DC bus utilization by zero-
sequence injection decreases. In our implementation, we use 4 sets of
three-phase windings with 4 different isolated neutral points. As such
we can benefit from the maximum possible improvement in DC bus
utilization by separately computing the zero sequence voltage for each
winding set k, where k ∈ [1, 2, 3, 4], as follows

ZSV = −0.5
(
max

(
[v∗k, v

∗
4+k, v

∗
8+k]r

)
+ min

(
[v∗k, v

∗
4+k, v

∗
8+k]r

))
• The resulting voltage margin is used to bound the requested rotation

voltage reference vector [vα4 vβ4 ]T using the same vector saturation
procedure
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4.1.5 Sensorless Control

We encountered a number of limitations arising from the Hall effect sen-
sor, such as a susceptibility to switching noise, high quantization error at
elevated speeds due to a limited sampling rate, and a cross-coupling to
armature-induced air gap flux components, which leads to an erroneous an-
gle estimate. Additionally, simplifying assumptions made in processing the
sensor signals leads to noticeable distortions in the Hall-based angle esti-
mate. These challenges have motivated us to use angle sensorless control
techniques to replace the function of the Hall effect sensor.

A few of these issues are demonstrated in Figures 4.8 and 4.9. Figure 4.8
highlights the stair-case-like distortions in the Hall-based angle measure-
ment while the rotor is levitating and rotating at a speed of 1 kRPM. The
measurement was sampled at 10 kHz. These distortions arise from simpli-
fications made in processing the Hall effect sensor signals and may lead to
uneven torque production and increased torque ripple.

In an ideal scenario, the Hall effect sensor would only measure the radial
component of the rotor flux. However, due to the armature reaction, the air
gap field is significantly affected by the stator winding current flow, leading
to an erroneous angle measurement. This effect is presented in the first plot
of Figure 4.9. Here, the rotor is centered and constrained at the 0◦ position
using a 3D-printed plastic shim while a rotation current reference vector
[i∗d4 i∗q4 ]T of magnitude 0.5 A is injected into the windings. The phase of the
reference vector is swept from 0 to 360◦ in increments of 30◦. Angle errors
of up to 12◦ can be seen for a 90◦ phase vector. Such errors can deteriorate
the performance of the field-oriented control strategy, leading to suboptimal
torque production.

Moreover, imperfections in the physical placement and alignment of the
sensors, along with mismatches between the stator geometric and magnetic
centers due to fabrication and assembly imperfections, diminish the effec-
tiveness of the two-pole field compensation strategy discussed in section
3.2.4. These issues introduce additional errors to the angle measurement, as
shown in the second plot of Figure 4.9. In this case, a similar angle sweep
was conducted for a suspension current reference vector [i∗α1

; i∗β1
]T of mag-

nitude 0.5 A. Slight errors of up to 0.5◦ can be seen in the measurement.
Despite being small, these errors are further exacerbated by rotor eccentric-
ities that result in an uneven change in the airgap flux distribution sensed
by the diametrically opposing sensors.
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Figure 4.8: Hall-based angle estimate distortion.

Figure 4.9: Dependency of Hall-based angle estimate on armature current.
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To address these issues we implemented both variants of the back emf ob-
server described in Chapter 2. The input values to the state observer are the
transformed rotation current components [iα4 iβ4 ]T and the reference rota-
tion voltage commands [v∗α4

v∗β4
]T . Since the phase voltages applied to the

motor terminals are pulse width modulated it is difficult to directly measure
these voltages. Instead, the ideal voltage reference commands are used as
inputs to the state observer.

A block diagram representation of the stationary and rotating frame ob-
servers are presented in Figures 2.4 and 2.5 respectively. The observers are
implemented in the FPGA by replacing the continuous time integrator seen
in the block diagrams with a trapezoidal integration block. The observers
run at the current control loop rate i.e. twice the PWM switching frequency.

From the estimated back EMF signals the rotor angular position and speed
information can be extracted using the PLL-based angle tracking scheme,
described in Chapter 2. The estimated speed and angle are used in the
speed feedback control loop and the rotational coordinate transformations
respectively.

It should be noted that during steady-state operation the estimated angle
output of the PLL seems to lead the measured angle in both simulations and
reality. This phase difference grows in proportion to the rotor speed and is
caused by discrete time delays in the system. This discrepancy between the
estimated and actual angle causes suboptimal torque production and should
be corrected to ensure optimal dynamic performance. To compensate for the
effects of this discrete delay we use a simple angle prediction procedure that
advances the estimated angle using the estimated steady-state speed as

θ̂e[k + 1] = θ̂e[k] + ω̂e[k] · Ts

where Ts is the sampling time of the control loop. This simple compensation
procedure ensures that in the next iteration of the control loop, the observer
and PLL use an angle quantity θ̂e[k + 1] that is more representative of the
actual angle, rather than relying on old data from a previous iteration. By
making this adjustment, we can improve the accuracy of the angle estimation
and, consequently, enhance the overall performance of the system. Figure
4.10 demonstrates the effect of this procedure in correcting for the phase
delay between the measured and estimated angles. The measurement is
acquired while the rotor is levitated and rotating at 15 kRPM.
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Figure 4.10: Effect of angle correction procedure.

The gain matrices L of the different observers were designed using the pole
placement command place() in MATLAB. Due to the sinusoidal nature of
the estimated back emf signals in the stationary reference frame, high band-
width observers are required to successfully estimate these signals at high
electrical speeds with a low amplitude attenuation and phase lag. However,
tuning the observer to have an arbitrarily high bandwidth limits its ability
to reject noise effectively. In contrast, the rotating frame observer estimates
the back emf signals in the estimated rotor frame instead, where they appear
as slowly varying DC quantities that are easy to track using low-bandwidth
observers.

Pole locations of p1 = p2 = −500 rad/s were used for both observer imple-
mentations throughout testing. Placing the poles further left on the complex
plane allows for a faster error convergence rate at the cost of larger initial
estimation errors.

When testing the estimation performance of the two observer types, it was
observed that large and abrupt transients in speed originating from a step
change in the speed reference command would occasionally destabilize the
estimated quantities. This effect was primarily observed when using the
rotating frame observer.

We suspect this might be due to neglected terms in the model that have a
nonnegligible effect during rapidly accelerating or transient conditions cou-
pled with a circular dependency inherent to the rotating frame observer
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implementation. The input currents and voltages to the rotating frame ob-
server are expressed in the estimated rotor reference frame. Transforming
these quantities from the stationary frame to the estimated reference frame
is performed using the estimated output angle. However, large estimation
errors during transients result in transformed currents and voltage which
are not representative of the actual values. These inaccurate inputs are
then used by the observer which further exacerbates the initial angle es-
timation error and could result in unpredictable behaviour which initiates
an uncontrolled drift of the estimated quantities. This instability can be
avoided by implementing a slew rate limit on the reference speed command.
The stationary frame observer is more robust and immune to these tran-
sient conditions as the inputs to the observer are expressed in the stationary
frame and does not exhibit this circular dependency on the estimated angle.

Testing at high speeds (>10 kRPM) was exclusively done using the rotating
frame observer. Without altering the pole locations the stationary frame
observer suffers from a degradation in performance at high speeds. Eventu-
ally, a point is reached where the estimated back emf signals are attenuated
to the extent where the estimation fails altogether. Testing at low speeds
was done using both variants but the stationary frame observer was often
favoured due to a better transient performance for the reasons discussed ear-
lier. A complementary usage combining the advantages of both observers
may present a promising avenue for further investigation.

4.1.6 Synchronous Notch Filter

One of the advantages of an active magnetic bearing over passive solutions
such as mechanical roller bearings, air foil bearings, and hydrodynamic bear-
ings is the ability to actively alter rotor dynamics during runtime. One such
use case is the ability to compensate for the effects of rotating unbalance. In
rotating machines unbalance refers to the uneven distribution of mass around
the axis of rotation. A rotor is said to be out of balance when its center of
mass (inertia axis) is out of alignment with the center of rotation (geometric
axis). This imbalance causes centrifugal forces that grow quadratically with
speed, leading to unwanted mechanical stresses and vibrations.

Using active magnetic bearings we can mitigate the effects of rotor unbal-
ance using two main approaches. The first approach aims to attenuate
unbalance-induced bearing reaction forces by allowing the rotor to rotate
about its inertial axis. The second approach aims to attenuate unbalance-
induced vibrations by forcing the rotor to spin about its geometric axis.
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The first approach is commonly used in applications that do not require
precise rotation about the geometric axis provided that the available air gap
is large enough to tolerate the resulting wobble. The second approach is bet-
ter suited for applications requiring highly precise positioning but requires
a high power demand to generate the necessary bearing forces and currents
to compensate for unbalance-induced vibrations.

In our implementation, we utilize the first approach. The basic premise is
to tolerate a rotor orbit instead of actively expending power to eliminate it.
To achieve this we place a synchronous notch filter, similar to that proposed
in [44], in the feedback path of the radial position control loop to selectively
attenuate mass imbalance-induced bearing reaction forces. This allows for
smoother operation and reduced actuator control effort. The continuous and
discrete-time transfer functions of the implemented notch filter are given as

C(s) =
s + ω2

0

s2 + ωvs + ω2
0

Tustin−−−−→ C(z) =
b0z

2 + b1z + b2
a0z2 + a1z + a2

where ω0 is the notch frequency, which is varied to match the rotor rotational
frequency ωm, and ωv determines the Q-factor of the notch. A value of
ωv = 1 rad/s was chosen through a trial and error approach and is used
throughout testing. The filter coefficients are updated in real-time in the
rotation control loop running at a 1kHz loop rate.

The notch filter is enabled at rotational frequencies above the designed sus-
pension control bandwidth, i.e., for speeds above 60Hz or equivalently 3600
RPM. A brief analysis of the suspension open loop frequency response shows
that enabling the notch filter at frequencies below the radial position con-
troller crossover frequency interferes with the stability margins of the system
and compromises the stability of the suspension regulation. As such, the use
of the filter is limited to speeds beyond the designed suspension motion con-
trol bandwidth. In reference [23] the authors examine the effects of the notch
filter on the closed-loop stability and propose a so-called generalized notch
filter that maintains the stability regardless of speed. Compensation for the
unbalance-induced effects can also be performed in the rotor synchronous
reference frame as demonstrated in Chapter 3 of [14]. In theory, a notch fil-
ter can be realized using a high-pass filter implemented in the synchronous
frame. However, this approach requires rotor angle information to trans-
form the rotor radial position measurements to an equivalent representation
in the rotating frame.
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Table 4.2: Testing Conditions

Quantity Value

DC-Link Voltage 30V
PWM Switching Frequency 20 kHz

PWM Deadtime 30 ns
Rotation Current Controller Bandwidth 1.5 kHz

Suspension Current Controller Bandwidth 0.6 kHz

4.2 Testing

We have conducted hardware tests for current regulation, rotor levitation,
and rotation. Key testing conditions are listed in Table 4.2.

4.2.1 Current Regulation

The operation of the closed-loop current regulators was tested in isolation
to assess their performance separately from the bearingless motor. Figure
4.11 shows the step response testing results for the rotation and suspension
currents. These measurements were performed with the rotor centered and
constrained using a plastic shim. The step responses were obtained with a
current reference of i∗q4 = i∗α1

= 0.5A.

To assess the rotation current regulator’s behavior at different speeds, the
rotation current step response was repeated at electrical speeds ωe of 0 and
1000 Hz in an artificially rotating reference frame.

The proportional gains of the rotation and suspension current controllers
were tuned to achieve current control bandwidths of 1.5kHz and 0.6kHz
respectively. The first two plots of Figure 4.11 demonstrate that. The third
plot shows a current fluctuation, which becomes more apparent at higher
rotational speeds. We hypothesize that this is due to phase asymmetries in
the manually wound phase windings.

A comparatively low suspension current control bandwidth was settled on to
enhance its noise rejection capabilities and avoid unnecessary control actions
leading to improved performance. For instance, detuning the suspension
current controller decreased audible emissions, increased the available volt-
age margin for rotation enabling operation at higher speeds, and minimized
large current control transients that could trigger a software-implemented
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Figure 4.11: Current regulators step response test results.

overcurrent protection shutdown procedure.

We employed a simple overcurrent protection procedure that initiates a shut-
down if the current exceeds some preset threshold. However, this simple ap-
proach often leads to premature triggering scenarios caused by short-lived
transients. To address this issue, we considered using an “i squared t” (i2t)
protection scheme that instead monitors power flow in the motor windings.
This protection scheme works by continuously tracking the current flowing
through the different phase windings and calculating a representation of the
thermal energy generated by squaring the current (i) and integrating it over
time (t). If the accumulated value exceeds a preset threshold, it triggers a
shutdown mechanism to prevent the windings from overheating. However,
implementing this protection scheme for all 12 measured phase currents re-
quires significant FPGA logic resources, making it unfeasible for our specific
setup. Alternatively, the same effect can be realized using physical fuses.
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4.2.2 Bearingless Motor Operation

Stable levitation and rotation of the bearingless motor over a wide range of
speeds has been demonstrated. Speeds of up to 36 kRPM or
ωe = 2400 Hz have been achieved with a DC-Link voltage of 30 V. This
represents an almost fourfold increase in the maximum no-load speed of
9500 r/min previously demonstrated using off-the-shelf power electronics
and a DC-Link voltage of 48 V [72]. We believe this improvement in perfor-
mance is due to a number of factors, such as decreased control loop latency,
the ability to separately tune suspension and rotation current regulators,
implementation of rotation current regulation in the synchronously rotating
reference frame, enhanced current/voltage allocation procedure, and sensor-
less operation, all of which are enabled by the custom motor drive. The mo-
tor was spun up to its base speed which is limited by the available DC-link
voltage. Without increasing the DC-link voltage, operation beyond those
speeds requires a flux-weakening control strategy. In the following sections
we demonstrate the different control strategies that were implemented.

Suspension Test

A radial position sensor calibration and rotor takeoff procedure is conducted
prior to carrying out any tests. The startup procedure is outlined as follows

• The geometric center of the rotor is first established by centering the
rotor using a 3d printed plastic shim. The measurements of the radial
position sensors are recorded and used for a zero offset calibration

• The plastic shim is then swapped out for a thinner one leaving a suffi-
cient air gap for the rotor to levitate. This shim serves to protect the
sensors and stator iron in case of a rotor crash

• The capacitors are charged to the DC link voltage using the precharge
routine described in Chapter 3

• A smooth takeoff procedure is initiated that lifts the rotor from its ini-
tial resting position to the approximate geometric center of the stator.
This is done by gradually increasing the suspension lead compensator
gain using a first order low pass filter with a time constant of 1 s

• Next the rotor is spun to a speed of around 1 kRPM. As the rotor is
rotating and levitating the x and y reference positions are manually
tuned to where the averaged suspension currents are approximately
zero. This tuning process is repeated separately for each axis to ac-
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Figure 4.12: Radial displacement step response test results.

count for any offsets between the geometric center and magnetic center.
The magnetic center represents an unstable equilibrium point where,
in theory, no suspension currents are required to maintain the rotor
position.

It is important to note that the sensor outputs were fairly consistent from
day to day and that the calibration values did not require frequent updates.

A step response for the motor’s radial displacement is presented in Figure
4.12. The dashed line indicates the reference command. The step response
test is carried out while the rotor is not rotating. The suspension system
exhibits a good transient response with an approximate 10%-90% rise time
of tr = 5 ms. This corresponds to a bandwidth of fbw = 50 Hz using
the approximate relation between rise time and bandwidth 2πfbw ≈ 2.2/tr.
The absence of significant overshoot or oscillations in the response indicates
sufficient stability margins.

Sensorless Operation

Use of the angle sensorless control scheme has enabled us to achieve higher
speeds by freeing up voltage previously consumed to suppress noise due
to Hall-based angle estimation error. This effect is clearly demonstrated
in Figure 4.13. The figure plots the angle, rotation current, and rotation
voltage while the motor is levitating and rotating at a speed of 15 kRPM.
All measurements were sampled at the current control loop rate of 40kHz.
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The first plot highlights the low sampling resolution and distortions present
in the Hall-based angle measurement. The Hall-based angle measurements
are updated at a 10kHz rate which corresponds to the frequency at which
the Hall effect sensors are sampled. This sampling frequency is limited
by the maximum aggregate sampling rate reported in the sbRIO controller
datasheet (200 kHz). Since the board features a single ADC on which all
of the signals are multiplexed, the maximum sampling rate per channel is
obtained by dividing the maximum aggregate sampling rate by the number
of channels being sampled. We are using a total of 6 differential channels
which yields a maximum sampling rate per channel of approximately
33.4 kHz. This is in contrast to the observer-based angle estimate which
updates at a 40kHz sampling rate.

The second and third plots demonstrate the transient response of the trans-
formed rotation current measurements [id4 iq4 ] and the rotation voltage mag-

nitude |vdq| =
√

v2d4 + v2q4 following a transition to sensorless control where

the observer-based angle estimates are used for control. The transition point
is marked with the dashed black line. Following the transition, a consider-
able reduction in the average and peak-to-peak voltage magnitude is evident.
A similar reduction in the peak-to-peak currents particularly for the d-axis
current can be seen. These improvements are attributed to the switch to
sensorless control, which provides more accurate angle estimates, allowing
for better voltage utilization and smoother motor operation at higher speeds.

Notch Filter

Figure 4.14 presents plots of the rotor orbit at various speeds, with and
without the operation of the notch filter. The red dots indicate the oper-
ation with the filter enabled. Data are collected from the radial position
sensors at a 5 kHz sampling rate. The notch filter restricts the suspension
controller from reacting to unbalance forces synchronous to rotor speed and
consequently frees up some voltage to be used for rotation. As demonstrated
in Figure 4.14, the addition of the notch filter reduces the amplitude of the
rotor orbit.

Figure 4.15 shows the suspension current transient response when the notch
filter is enabled. Only the α- axis current is shown for visual clarity but
a similar response can be seen in the β-axis current as well. The point at
which the filter is enabled is marked with the dashed red line. This test was
conducted at a rotor speed of 10 kRPM. The currents were sampled at
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Figure 4.13: Sensorless control transient.

Figure 4.14: Measured rotor orbit at varying speeds. Red indicates the rotor
orbit with the notch filter enabled.
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Figure 4.15: Suspension current transient response following activation of
notch filter.

40 kHz. Upon enabling the filter, the peak-to-peak currents are reduced
from approximately 8 A to 4 A following a transient response. The fre-
quency spectrums of the steady state current prior to and following the
activation of the filter demonstrate the attenuation of the synchronous cur-
rent component at 10kRPM or equivalently 167 Hz. Interestingly, there
seems to be a significant third harmonic component that requires further
investigation.

The inclusion of the filter also led to a reduction in housing vibration, audi-
ble noise, and power consumption from the external DC link power supply
during operation. The effects of the notch filter are less apparent at higher
speeds where the limited suspension motion control bandwidth restricts its
ability to respond to unbalance-induced effects.
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Resource Allocation

To show the benefits of the proposed allocation procedure a rotational speed
step response test was performed. The results are presented in Figure 4.16.
The test was repeated using a static allocation procedure and the proposed
allocation procedure. The speed reference was set to change from 3000 RPM
to 4500 RPM. The maximum allowable current for this test was set at 6 A.
For the static allocation, 1.25 A of the total allowable current is allocated
for rotation leaving the rest for suspension. The stationary frame back emf
observer was used for this test. The rotation currents were monitored during
the speed transient to capture the differences in current allocation between
the two methods. The rotational speed was sampled at 5 kHz while the
rotation currents were sampled at 40 kHz.

With the proposed allocation procedure rotation currents of upwards to
4.7 A are conducted contrary to the static allocation procedure where the
rotation current is limited to 1.25 A. This allows for a superior dynamic
performance with faster rise and settling times for the rotational speed step
response.

Therefore, we conclude that the proposed dynamic allocation procedure al-
lows for a more efficient use of resources as it exploits the full potential of
the combined winding scheme by maximally utilizing the entire winding slot
space for torque or radial force production at all times. In contrast, us-
ing a static allocation, full utilization of the entire winding slot space is only
achieved in the unlikely case when the suspension and rotation requirements
are simultaneously maximized.

In addition to the improved dynamic performance, the proposed allocation
procedure offers improved levitation stability under transient disturbances,
albeit at the expense of torque generation.

To assess this, we conducted a test where the motor was operating close to
its base speed, requiring high rotation voltages to overcome the rotational
back emf voltage. The motor is then subjected to a sudden disturbance
that increases the rotation voltage requirement by transitioning from angle
sensorless operation to sensor-based operation. As a result of this transition,
the total requested voltage exceeds the available DC link voltage. Under
this circumstance, a conventional voltage limitation scheme would simply
saturate the superimposed pole voltage references v∗n in the stator fixed
frame to ±Vdc/2. However, this blind saturation approach will compromise
the levitation stability as it distorts the requested suspension voltage vectors.
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4.2. Testing

Figure 4.16: Rotational speed step response test with and without dynamic
allocation procedure.
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4.2. Testing

In contrast, the proposed allocation procedure separately saturates the sus-
pension v∗ns

and rotation pole voltage reference v∗nr
components while pri-

oritizing the suspension voltage demands. When subjected to the sudden
disturbance, the proposed allocation procedure effectively limits the rotation
voltage independently from the suspension voltage, preventing the superim-
posed pole voltage references from exceeding ±Vdc/2. This results in de-
creased torque generation, as the rotation voltage falls below the rotational
back emf voltage, and a subsequent drop in speed without compromising
the levitation performance.

Testing confirmed these observations with the proposed allocation proce-
dure, while the conventional voltage saturation scheme was not tested due
to safety concerns regarding rotor crashes at high speeds.
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Chapter 5

Conclusion and Future Work

In conclusion, this thesis presents the design of a reconfigurable motor drive
that incorporates all electronic components needed for control, power, and
sensing into a custom board developed for multiphase motor research.

The board features high and low-voltage sides physically separated by an
isolation barrier. A 12-phase inverter topology was realized using GaNFET-
based half-bridge power stages. The individual phase currents were moni-
tored using an isolated inline sensing technique for control and protection
purposes. An FPGA-based controller was used to implement a sophisticated
motor control algorithm with high temporal determinism.

Successful operation of the motor drive was demonstrated with a proto-
type multiphase combined winding homopolar bearingless slice motor. The
development of the board has enabled us to explore and implement differ-
ent control strategies that would have not been possible otherwise. These
strategies include the independent design and tuning of suspension and ro-
tation current regulators as well as the use of sensorless control and syn-
chronous notch filters to reduce actuator effort spent in suppressing sensor
noise-induced artifacts and mass unbalance-induced effects respectively. Ad-
ditionally, we outlined a dynamic current/voltage allocation procedure that
optimizes resource utilization, thereby enhancing the overall capabilities of
the bearingless motor without compromising its stability.

Use of these techniques has allowed the prototype motor to operate up to its
base speed (36000 r/min) as limited by the available DC link voltage (30 V).
This represents an almost fourfold increase in the maximum no-load speed
of 9500 r/min reached when using off-the-shelf power electronics and a DC
link voltage of 48 V.
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5.1 Suggestions for Future Work

Future work will focus on extending the developed board’s application to
various bearingless motor architectures and leverage its flexibility to develop
control strategies conducive to high-speed operation. Additionally, we aim
to further explore different avenues in bearingless motor control such as
sensorless control and flux weakening operation.

5.1.1 Application to Different Motor Architectures

Usage of the developed multiphase inverter board has brought about many
performance improvements in the prototype bearingless slice motor, sur-
passing the outcomes achieved with standard off-the-shelf power electronics.
However, we have tested the board only with homopolar motors where sus-
pension operation is decoupled from the rotor angle allowing for a relatively
simple and robust control strategy.

We aim to extend the application of the developed board to heteropolar
bearingless motor architectures which require accurate real-time knowledge
of the rotor angular position to achieve successful levitation. Specifically, we
aim to use the developed board to control a dipole interior permanent mag-
net (IPM) bearingless slice motor developed by Taryn Loutit [38]. Several
nonlinear phenomena were observed when controlling the IPM motor using
off-the-shelf power electronics. The use of the multiphase inverter board
offers access to crucial phase current feedback data which could aid in the
investigation and mitigation of these phenomena.

5.1.2 Sensorless Control

Angle Estimation

Successful application of model-based sensorless control strategies was demon-
strated at medium to high speeds. To enable complete sensorless operation
we employed an open loop startup method which brings up the motor up to
a speed where the model-based methods perform reliably.

However, as established earlier, heteropolar motors require accurate knowl-
edge of the rotor’s angular position across the motor’s entire speed range
to ensure stable levitation. Therefore, the use of an open-loop strategy is
deemed unacceptable. This warrants the need for an angle estimation pro-
cedure that works reliably at low speeds and standstill conditions. To this
end, saliency-based methods can be further investigated.
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Radial Position Estimation

The radial position regulation also stands to benefit from a sensorless con-
trol strategy. In addition to cost savings and reduced hardware complexity
brought about by eliminating the need for sensors, sensorless estimation of
the radial positions would ensure a perfect collocation between the actuator
and the sensor which eliminates the discrepancy between the magnetic and
sensing axes.

Due to tolerances and imperfections in the fabrication process, the sensing
axes do not necessarily coincide with the magnetic axes which represent
the point through which the levitation forces act. If significant, this spatial
discrepancy between the axes can lead to degradation in the performance
and stability of the suspension control. These limitations sparked an in-
vestigation into the sensorless estimation of the rotor radial position using
model-based methods. However as mentioned in Chapter 2, attempts at
using the estimated signals for feedback control resulted in instability and
require further investigation.

Moreover, these model-based methods are known to suffer from a number
of shortcomings making them of limited practical use. For instance, they
are unable to estimate the rotor’s static/absolute position and are prone to
instability with slight parameter variations and uncertainties. To address
these issues there is ongoing research on alternative schemes providing robust
estimation performance such as high-frequency injection methods.

5.1.3 Flux Weakening

The prototype bearingless motor was operated up to its base speed at which
point the entire DC link voltage was fully utilized.

Operation beyond those speeds requires a flux-weakening control strategy.
flux weakening is a key technique employed in motors to extend their oper-
ational range beyond their base speeds. flux weakening involves the partial
cancellation of the motor’s back electromotive force (EMF) by injecting neg-
ative id currents to reduce the flux linkage in the d-axis. This approach aims
to maintain a voltage margin that allows for effective control of the stator
currents. Operating in the flux weakening regime entails a trade-off between
torque and speed, with a reduction in torque in exchange for increased ro-
tational speed.

With combined winding bearingless motor the available DC link voltage
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is distributed among the rotation and suspension subsystems. This makes
defining a specific base speed somewhat ambiguous, as the voltage require-
ments for suspension are difficult to predict. Nonetheless, the base speed for
some specific testing condition is assumed to occur at the point where the
sum of the suspension and rotation voltage reference vectors is maximized
as discussed in Chapter 4. This condition is repeated here as

√
v∗α1

2 + v∗β1

2 +
√
v∗α4

2 + v∗β4

2 = Vdc/2

The development of the multiphase inverter board provides us with the ca-
pability to monitor the voltage reference signals, offering valuable insights
into the point where the available DC link voltage is fully utilized. In con-
trast, when using standard off-the-shelf power electronics, we lack access to
this information, making it more likely to surpass this point and operate in
the saturation region which is detrimental to the stability of suspension op-
eration. However, this risk is addressed by the proposed voltage allocation
procedure. which enables safe operation up to the saturation point without
compromising the suspension performance.

These developments represent a good initial step towards developing flux
weakening control strategies for combined winding bearingless motors.

5.1.4 Digital Sensing of Rotor Angle

A digital sensing approach is used for measuring the phase currents, DC link
voltage, and rotor radial position while analog hall effect sensors are used
for sensing the rotor angle. A transition to an all-digital sensing approach
would offer several benefits, including decreased susceptibility to noise and
interference, increased processing flexibility in the digital domain, and in-
creased sampling rates. One way to achieve this involves sampling the out-
put voltage of the analog hall effect sensors via a sigma-delta modulator
and replicating the existing digital SINC3 filter to process the serial bit-
stream. However, this may require some signal conditioning to scale down
the Hall sensor output voltage to a range accepted by the modulator. Al-
ternatively, a simpler and more cost-effective solution involves replacing the
analog Hall effect sensors with digital alternatives like those offered by Texas
Instruments (DRV5057). However, these sensors have limited bandwidths
(< 2000Hz) which could pose challenges for high-speed operation of motors
with high pole numbers.
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